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This thesis investigates the use of specially-designed “tension absorber” joints in composite 
vehicular structures for the absorption of energy in a crash situation through a process referred 
to here as “extended bearing failure”. The specific targeted application is future narrow-body 
composite aircraft fuselages which require an innovative energy absorption strategy due to the 
limited height available below the cargo floor for traditional crush beams. However, tension-
absorbers could be applied in any structure requiring energy-absorption capability in a crash or 
overload situation. Through a combined experimental-numerical approach, the work aims to 
provide fundamental information on the effects of geometric and material parameters such as 
stacking sequence, pin diameter, laminate thickness and loading rate, and an assessment of 
whether state-of-the-art numerical simulation is capable of providing genuinely predictive 
capability for such a complex problem. To make the results as useful as possible the chosen 
material is IM7/8552 carbon/epoxy, one of the most widely-characterised materials in the 
literature. Thus the results can be used by other researchers to test out modelling approaches 
without the need for further material testing. Besides the results in the published papers, videos 
provided as supplementary information contain complete three-dimensional (3D) maps of 
internal specimen damage, obtained from computed tomography (CT). The chosen 
performance parameters are ultimate bearing strength (UBS), mean crushing stress (MCS) and 
mass-specific energy absorption (SEA). Diameter-to-thickness (D/t) ratio is found to be an 
excellent predictor of UBS and SEA for both quasi-static and dynamic loading rates, with small 
D/t values giving best results, provided the thickness is sufficient to avoid global bending of 
the specimen. Concerning the effects of stacking sequence, it is found that the most important 
factor in maximising SEA is having small changes in orientation at ply interfaces. This is even 
more important than 0° content. Laminates with a high SEA tend to have a low UBS. Highest 
UBS was for quasi-isotropic laminates. Increased loading rate results in increased UBS but 
decreased SEA. The implemented model is a physically-based, three-dimensional damage 
model which uses in-situ ply strengths, stress-based fibre failure criteria, Puck’s criteria for 
matrix damage, a non-linear law for in-plane shear, a cohesive zone model for delamination, a 
crack-band model to mitigate mesh sensitivity, and frictional contact between the pin and the 
laminate, and between plies once they delaminate. The developed model is found to accurately 
predict the global response in terms of strength and energy absorption and can forecast the 
effects of changing geometry and material parameters. Critically, comparison with CT scans 
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Over the last five decades, the use of Fibre Reinforced Plastics (FRPs) has increased 
significantly. Specifically, Carbon Fibre Reinforced Plastics (CFRPs) gained much attention 
in the transportation sector due to their high stiffness and strength to weight ratios. Figure 1-1 
(a) shows the growth in composite material usage in Airbus aircraft since 1971, when the 
Airbus A300 became the first passenger aircraft to incorporate composite material in its 
structure, with the leading and trailing edges of the vertical tail being made of glass fibre 
reinforced plastic (GFRP) (Cauquil 2015). In 1981, the McLaren MP4/1, Figure 1-1 (b), 
became the first Formula One car made entirely from composite materials (Formula-1 2000). 
Several frontal crash experiments were performed on this structure, and to the surprise of most, 
the material was able to absorb a significant amount of crash energy, ensuring the safety of the 
driver. This proved the efficacy of carbon fibre composites under high strain rate loading.  
Subsequently, the energy absorption capability of composite materials has made a huge 
contribution to the crashworthiness record of car racing (Savage 2010). In parallel, the 
aerospace sector used increasing amounts of composite materials to the point where, in 2009, 
the Boeing 787 Dreamliner became the first major passenger aircraft to have the fuselage, 
wings and several other airframe components made out of composite materials (George 2015). 
In response, Airbus launched the A350 XWB in 2013, the structure of which is 53% composites, 
including CFRP for the outer and centre wing box (covers, stringers, spars), fuselage (skin, 




Figure 1-1: (a) Increase in composite material usage in Airbus aircraft (adapted from (Cauquil 
2015)). (b) McLaren MP4/1, first F1 car with carbon fibre composite monocoque (adapted 
from (Formula-1 2000)).  
The introduction of aircraft with composite fuselages (Airbus A350 XWB and Boeing 787 
Dreamliner), was made possible by extensive research on crashworthiness of aircraft structures. 
Most aircraft employ a fuselage structure made out of aluminium alloy which provides 
sufficient crashworthiness due to the ductile behaviour of the metal. In the past, researchers 
have obtained adequate crashworthiness for transport aircraft structures made from metallic 
frames, stringers and skin without any specific crash design (Williams and Hayduk 1983, 
Williams and Hayduk 1983, Hayduk 1985, Fasanella and Alfaro-Bou 1986, Logue, McGuire 
et al. 1995, Abramowitz, Smith et al. 2000, Abramowitz, Smith et al. 2003). Due to well-
established standards for building metallic airframes, the certification authorities do not request 
in-depth evidence of structural crashworthiness. On the other hand, the crashworthiness aspects 
of aircraft become relevant when there is an introduction of non-typical designs e.g., using 
composite material in airframe structural components. In particular, the brittle failure behaviour 
of composite structures requires a specific crash design that can provide an equivalent level of 
crash safety compared to existing metallic designs (FAA 2007, FAA 2014). To support the 
crashworthiness verification and certification of the Boeing 787 and A350, a building block 
approach was put forward in FAA AC 20-107B (FAA 2009). This approach involves 
experimental testing and numerical simulations at several levels of the so-called “test pyramid”, 
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i.e. coupons, elements, details, sub-components, components and full-scale aircraft, as shown 
in Figure 1-2. 
 
Figure 1-2: Building block (“test pyramid”) approach for crashworthiness certification of (a) 
composite fuselage aircraft (adapted from (FAA 2009)) and (b) Boeing 787 (adapted from 
(Mou, Xie et al. 2020)). 
 
Concerning the crashworthiness verification of composite fuselages, the elements portion of 
the test pyramid involves static and dynamic tests which provide deformation and energy 
absorption characteristics of energy-absorbing elements. Following that energy absorption 
characteristics of sub-assembly structures are determined by performing impact tests on sub-
floor webs and absorption columns, and fuselage panels. These tests are very important for 
crashworthiness verification and evaluation of civil aviation airframes. Energy-absorbing 
elements, such as composite C-channels (Mostafa 2013) or composite corrugated plates (Mou, 
Zou et al. 2016), are installed in the sub-cargo fuselage section, which is the main energy 
absorption area. Vertical drop tests are conducted on this fuselage section to evaluate the failure 
sequence and energy-absorption capability (Mou, Xie et al. 2020). 
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Both Boeing 787 and A350-XWB followed the building block approach to obtain 
crashworthiness certification. These aircraft have wide-body fuselages and thus the height of 
the space below the cargo floor is relatively large, as shown in Figure 1-3, which made it 
possible to achieve the bulk of the required energy absorption via a sub-cargo structure 
involving crushable composite beams (Bolukbasi, Baxter et al. 2013). However, in single-aisle 
(narrow-body) aircraft, the height of the sub-cargo area is less, so additional energy-absorbing 
structures or devices will be required (Kohlgrüber and Weissinger 1998, Waimer 2013, 
Waimer, Feser et al. 2018).  
 
Figure 1-3: Geometrical comparison of wide body fuselage (B 777) with narrow body fuselage 
(B 737). 
To address this issue, Airbus and German Aerospace Center (DLR) have been working on new 
single-aisle fuselage crash concepts/elements, one of which is “tension-absorbing” composite 
joints (Schatrow and Waimer 2014, Schatrow and Waimer 2016, Waimer, Schatrow et al. 2016, 
Waimer, Feser et al. 2018). The proposed crash concept involves the modification of joints in 
areas known to be loaded in tension during a crash landing, to enable them to absorb a 
considerable amount of energy by undergoing extended bearing failure in a controlled manner, 
as shown in Figure 1-4. The targeted areas for these joints are the cargo and passenger cross-
beams, Figure 1-4, which are loaded in tension as the fuselage deforms into more oval shape 
during a vertical impact. As per the building block approach (FAA 2009), the energy-
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absorption characteristics of these crash elements needs to be investigated at static and dynamic 
loading rates. To date, very few studies (Bergmann 2016, Bergmann and Heimbs 2017, Waimer, 
Feser et al. 2018), have been performed on the crashworthiness aspects of tension-absorbing 
joints. The current work has been performed in a collaboration between DLR and the 
University of Limerick within the Marie Skłodowska-Curie Innovative Training Network 
(ITN) ICONIC (Improving the Crashworthiness of Composite Transportation Structures) 
(ICONIC 2017). The aim of the collaboration was to extensively investigate the effects of 
various material and geometrical parameters on the strength and energy absorption 
characteristics of tension-absorbing joints at static and dynamic loading rates. 
 
Figure 1-4: Tension-absorbing joint concept for narrow-body composite fuselage (adapted 
from (Waimer, Feser et al. 2018)). 
 
 Objectives 
The primary objectives of this thesis are to: 
1. Investigate the effects of various design parameters on the performance of composite 
tension-absorber joints, thereby providing an experimental database that can be used 
for modelling and design. The results will add to the very limited data currently 
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available, and be the first obtained for a material that has been widely characterised in 
the literature, making them generally useful to the research community. The parameters 
to be studied include stacking sequence, pin diameter, laminate thickness and loading 
rate (quasi-static and 3 m/s). 
2. Experimentally identify not just the effects on global performance but also the effects 
on internal damage progression using interrupted tests, three-dimensional computed 
tomography (3D CT) and scanning electron microscopy (SEM). 
3. Develop a modelling methodology aimed at a genuinely predictive simulation 
capability for tension-absorber joints. Based on identified best practice, a 3D damage 
model will be implemented as a user-defined material subroutine (VUMAT) in 
Abaqus/Explicit. Key features to obtain the best global as well as mesoscale agreement 
with the experiments will be identified and implemented. The ability of the model to 
predict the effects of changes in joint parameters will be evaluated. 
In the experimental work, a significant amount of design data, related to tension-absorbing 
joints, will be generated. The findings will greatly enhance knowledge regarding the 
mechanical behaviour of these joints. In the numerical work, a 3D mesoscale damage model is 
developed and used to predict highly complex extended bearing failure. This work is the first 
attempt to use a 3D model to study bearing failure over such an extended length. 
 Thesis overview 
This thesis is article-based and is arranged as follows: 
Chapter 2 provides a review of aircraft crashworthiness with the focus on crashworthiness of 
narrow-body composite fuselages. Crash concepts related to composite fuselage certification 
are also discussed, which is followed by a discussion on composite bolted joints and tension 
absorbers. The finite element (FE) modelling of bearing failure in composite bolted joints is 
also reviewed.   
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Chapter 3 presents the first published article, which is based on the energy absorption capability 
of composite tension-absorber joints. To explore the design space of these joints, experimental 
tests are performed on pin-loaded joints in a widely-used carbon fibre/epoxy composite, with 
varying stacking sequence, pin diameter and laminate thickness at a quasi-static loading rate. 
A bespoke rig is used to pull the pin completely through the laminate. Performance parameters 
include ultimate bearing strength (UBS), mean crushing stress (MCS) and crush load efficiency 
(CLE). 3D CT scans are performed after interrupted tests to investigate the physical damage 
within the specimen.  
Chapter 4 presents the second published article which examines the effects of transient dynamic 
loading on the strength and energy absorption capability of tension-absorber joints. 
Experimental tests are performed on pin-loaded joints in a carbon fibre/epoxy composite, with 
varying stacking sequence, pin diameter and laminate thickness, at 3 m/s loading rate. Digital 
Image Correlation (DIC) and 3D CT scans are performed to understand the variation of energy 
absorption as the loading rate is increased.  
Chapter 5 presents the third published article, which is on the development and validation of a 
mesoscale composite 3D damage model for predicting the energy absorption capability of 
tension-absorber joints. A physically-based damage model is implemented in a user-defined 
subroutine. The model uses in-situ ply strengths, stress-based fibre failure criteria, Puck’s 
criteria for matrix damage, a nonlinear law for in-plane shear, a cohesive zone model for 
delamination, a crack band model to mitigate mesh sensitivity, and frictional contact between 
the pin and the laminate, and between adjacent plies once they delaminate. The numerical 
results are validated against experimental data generated in Chapter 3. 
Chapter 6 presents the fourth published article, which is on the influence of layup (percentage 
of each ply orientation), stacking sequence (exact location of each ply) and loading rate, on 
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energy absorption characteristics of tension-absorber joints. Seven layups and 11 stacking 
sequences are tested at quasi-static and 3 m/s loading rates, with key variables being the 
percentage of 0° plies (from 12.5% to 62.5%), the position of the 0° plies, and the changes in 
orientation at ply interfaces. Performance measures include UBS, SEA and crush load 
efficiency (CLE). Computed tomography is used to examine damage progression in the quasi-
static tests. 
Finally, the main conclusions of the thesis are presented in Chapter 7, along with some 
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Chapter 2: Literature Review 
___________________________________________________________________________ 
 
2.1 Overview of aircraft crashworthiness  
Aircraft crashworthiness is defined as the ability of an aircraft structure and its internal systems 
to provide maximum protection to the passengers in the event of a crash or during emergency 
landing (Abramowitz, Smith et al. 2003, Guida, Marulo et al. 2018). The concept of aircraft 
crashworthiness is as old as powered flight. In the early days, the first few crashes indicated 
the need for safety gear such as helmets to provide head protection and leather jackets to 
mitigate serious abrasions (Shanahan 2004). In 1936, Hugh DeHaven, considered by many as 
the father of aircraft crashworthiness, started to convince the aviation industry to invest in 
crashworthiness by conducting empirical studies, which related wound patterns with the 
arrangement of different instruments in the cockpit instrument panel. In 1949, he received the 
Distinguished Service Award for “establishing the criteria for the development of a safety 
environment for occupants of aircraft and for securing the recognition of principles of design 
which will reduce the rate of fatalities in survivable aircraft accidents”(Gangloff 2013). In 1953, 
DeHaven and his team were able to prove the significance of using a seat belt as a safety device 
in lightweight aircraft. They reported almost 71% of seat belt users survived an accident 
without having any serious injury (DeHaven, Tourin et al. 1953). Moreover, DeHagen 
proposed packaging principles for designing crashworthy lightweight aircraft (DeHaven 1969, 
Gangloff 2013). The major focus of these principles is to design a container (fuselage in the 
case of aircraft) in such a way that it provides maximum safety to its occupants. These findings 
inspired the key stakeholders of the aviation industry to invest in crashworthiness aspects of 
transport aircraft. As a consequence, various safety standards were defined and implemented 
in aircraft design.  
11 
A significant number of aircraft crashes have been classified as survivable since they occurred 
mainly during the take-off, climb out, landing, or approaching phases. As shown in Figure 2-1 
(Littell 2020), the number of fatalities in such crashes are generally lower than in other crashes. 
Figure 2-2 shows two recent survivable crashes of commercial transport aircraft which 
occurred during the landing phase. As can be seen, the percentage of passengers who survived 
was significant in both accidents. To ensure maximum protection of occupants, airworthiness 
standards for civil aircraft have been laid down by the Federal Aviation Administration (FAA) 
and European Union Aviation Safety Agency (EASA) (Federal Aviation Administration 2003, 
European Union Aviation Safety Agency 2009, Federal Aviation Administration 2009, Federal 
Aviation Administration 2014). These standards significantly focus on the crashworthy design 
of fuselage sections and more than 40 rules have been set in this regard.  
 
 
Figure 2-1: Number of fatalities in all accidents compared to survivable accidents (adapted 
from (Littell 2020)) 
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Figure 2-2: Recent examples of survivable crashes during the landing phase (a) Asian Flight 
214 (Boeing 777) in 2013 and (b) Turkish Airlines Flight 1951 in 2009 (The Mercury News 
2013, Littell 2020) 
 
To design aircraft following these standards, crashworthiness tests have been performed on 
fuselage sections. Figure 2-3 shows the load transmission in a fuselage structure during a 
typical survivable crash. When the aircraft is vertically impacted on the ground the impact 
loads are transmitted along the sub-cargo floor support struts, cargo support beam, fuselage 
frame, cabin floor support struts and passenger cross beam, and finally transmitted to occupants 
through the seats. Based on this load transmission process, the crashworthiness performance 
of an aircraft can be improved if well-designed energy absorption materials and structures are 
used in the fuselage section (Yang, Ma et al. 2020). Understanding the influence of different 
materials and structures on the energy absorption capability of the fuselage structure is not 
trivial. A theoretical approach in this regard is usually hampered by the presence of a high 
degree of non-linearity in material and geometrical parameters (Mou, Xie et al. 2020). In the 
early days, crashworthiness of civil aircraft was evaluated by conducting impact tests on 
fuselage sections, but this approach is quite cost and time ineffective. Alternatively, numerical 
simulations can be used in combination with experimental testing to evaluate the 
crashworthiness of a civil aircraft.  
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Figure 2-3: Load transfer in the fuselage structure in a survivable crash scenario (adapted from 
(Waimer, Feser et al. 2018)) 
 
2.1.1 Crashworthiness Philosophy 
The packaging principles proposed by DeHaven laid the foundation for the current 
crashworthiness philosophy, which is based on the principle of CREEP (Container, Restraint, 
Environment, Energy absorption, Post-crash factors) (Littell 2020). This principle focuses on 
the following aspects: 
 The container (fuselage) should resist structural collapse and provide a survivable 
volume in the occupied space. 
 The seat belts and seats should provide sufficient restraint for the passengers to survive 
the sudden deceleration forces during impact. 
 The cabin environment should be designed to minimize the risk of injury during a crash. 
For example, overhead bins should not collapse on passengers. 
 The fuselage should provide energy absorption through crash absorbing structures. 
 The occupants should be able to perform evacuation post-crash.  
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Several researchers have investigated the crashworthiness of transport aircraft by studying 
fuselage structures (Heimbs, Strobl et al. 2010, Gransden and Alderliesten 2017, Waimer, Feser 
et al. 2018), seat and landing gear systems (Lankarani and Hooper 1999, Lyle, Jackson et al. 
2002), overhead stowage bins (Pein and Krause 2006, Pein, Laukart et al. 2007) and energy 
absorbing devices (Waimer, Schatrow et al. 2016, Waimer, Feser et al. 2018). The current 
crashworthiness philosophy puts a huge emphasis on the crashworthy design of the fuselage 
structure.  
Drop tests have been performed in the past for verifying and certifying the crashworthiness of 
transport aircraft fuselages. In the 1970s, the FAA and NASA started to study the crash 
dynamics and safety aspects of civil aircraft and military helicopters. In the 1980s, NASA and 
FAA started the CID (Controlled Impact Demonstration) project. In this project, the 
crashworthiness of a Boeing 720 was evaluated via a drop test on a full-scale aircraft. The 
obtained data was then used to validate finite element (FE) modelling techniques (Fasanella, 
Alfaro-Bou et al. 1986, Fasanella, Widmayer et al. 1986). In the 1980s, NASA also performed 
multiple vertical impact tests on the fuselage sections of a Boeing 707. These tests were 
performed at 6.1 m/s impact velocity (Williams and Hayduk 1983, Williams and Hayduk 1983, 
Fasanella and Alfaro-Bou 1986). In the 1990s, Airbus also started to investigate the 
crashworthiness performance of their transport aircraft structures. From 1993 to 1997, the 
crashworthiness of metallic aircraft fuselage sections was investigated in the 
CRASHWORTHINESS project. In this project, vertical drop tests were performed on fuselage 
sections of an A320 at an impact velocity of 7 m/s (23 ft/s) (Hashemi and Walton 2000). In 
1997, in the scope of the EU-funded CRASURV (Commercial Aircraft - Design for Crash 
Survivability) project (Johnson and Kindervater 1997, Michielsen and Wiggenraad 1997), 
vertical drop tests were performed at 6.78 m/s (22.2 ft/s) on the fuselage section of an A320 
having sub-cargo composite sine-wave beams. In 1999- 2000, the FAA conducted vertical drop 
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tests at 9.14 m/s (30 ft/s) on fuselage sections of a Boeing 737 having an auxiliary fuel tank 
and cargo hold luggage (Abramowitz, Smith et al. 2000, Abramowitz, Smith et al. 2003). Both 
sections were equipped with overhead stowage bins to also investigate aspects of cabin safety 
in a crash scenario. This was the time when CFRP was recognized as a material that could 
potentially replace metals in major load-bearing aircraft structures. In 2004, Boeing launched 
a programme to manufacture an aircraft that focused on fuel efficiency (Boeing 2017). They 
named it the Boeing 787 and it was the first commercial aircraft whose airframe was primarily 
made of composite material, but due to the significant differences between the failure and 
energy absorption behaviour of metals and composites, new standards for verification and 
certification of this aircraft were required. Therefore, the crashworthiness requirements for 
composite fuselage structures were put forward in FAA AC 20-107B (FAA 2009). Furthermore, 
to ensure an equivalent level of crash safety as provided in FAR 25 for metallic aircraft (Federal 
Aviation Administration 2003), Special Conditions (SC) for Boeing 787-8 (25-362-SC) (FAA 
2007) were issued. According to these conditions, Boeing 787-8 should meet the following 
criteria over a range of vertical descent velocities i.e. from 0 to 9.14 m/s (30 ft/s): 
1. Maintenance of a survivable volume 
2. Maintenance of acceptable accelerations and loads experienced by the occupants 
3. Retention of items of mass 
4. Maintenance of occupant emergency egress paths. 
In 2007, Boeing conducted a 9.14 m/s (30 ft/s) vertical drop test to evaluate the crashworthiness 
performance of a Boeing 787 composite fuselage section (Mostafa 2013). In 2010, Airbus also 
launched an aircraft (A350-XWB) having a fuselage made from composite material. Similar to 
Boeing 787, Special Conditions were also raised for the certification of A350-XWB (FAA 
2014). This was the first time aircraft manufacturers were faced with strong requirements 
concerning the crashworthiness certification, and significant efforts were made by the 
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designers to demonstrate compliance with the Special Conditions by testing in combination 
with numerical analyses (Di palma, Di Caprio et al. 2019). Both these aircraft have wide body 
fuselages, which provides enough crash height in the sub-cargo section to install massive 
crushable CFRP beams, as shown in Figure 2-4. To obtain certification for the Boeing 787 
composite fuselage section, crashworthiness compliance was demonstrated by showing a 
similar crash level safety as that of Boeing 777 metal fuselage (Di palma, Di Caprio et al. 2019). 
Similarly, crashworthiness compliance for A350-XWB composite fuselage was demonstrated 
by showing a similar crash safety response to that of the A340 metal fuselage under various 
impact conditions (Mou, Xie et al. 2020). Figure 2-5 shows the timeline of vertical drop tests 
conducted on the fuselage sections of different aircraft for crashworthiness verification and 
certification. 
 
Figure 2-4: Boeing 787 crash concept (adapted from (Waimer 2013)). 
 
Figure 2-5: Timeline of vertical drop tests conducted on transport aircraft fuselage sections 
(adapted from (Mou, Xie et al. 2020)).  
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2.1.2 Narrow-body Composite Fuselage Crashworthiness 
 
As noted above, in the 1990s, research on composite fuselage design was conducted intensively 
in the “CRASURV” project (Johnson and Kindervater 1997, Kohlgrüber 1997, Michielsen and 
Wiggenraad 1997, Kohlgrüber and Weissinger 1998, McCarthy, Harte et al. 2000, McCarthy 
and Wiggenraad 2001). The test pyramid for this project consisted of testing composite 
material coupons all the way up to fuselage sub-floor drop tests, as shown in Figure 2-6. Several 
composite energy absorber concepts such as corrugated beams, or cruciform structures, as 
illustrated in Figure 2-6 (c), were tested. Later, these investigated structures were integrated 
into the composite fuselage designs of a narrow-body (A320-like) fuselage aircraft. To evaluate 
the crashworthiness of a composite fuselage with these integrated structures, drop tests were 
performed on sub-cargo and sub-floor structures at 7 m/s. In the sub-cargo structure, a sine-
wave beam structure was integrated, but during the test, it did not crush along its full length, 
Figure 2-6 (e). Based on this test, the absorber design was modified and then installed into the 
sub-floor structure. During the test, the absorber structure was not able to sustain the crash 
loads and resulted in the failure of the cargo-crossbeam, which prevented the crushing of the 
sine-wave structure, as shown in Figure 2-6 (f). Despite the unpromising outcomes of the drop 
tests, the project was concluded with the outcome that implementation of energy absorption 
concepts or devices is mandatory for a composite aircraft structure (Mahé, Ribet et al. 2001). 
The specified crush zone in the CRASURV project remained limited to the sub-cargo area. The 
potential of energy absorption above that area was not considered. In such designs, during crash 
loading, kinetic energy cannot be absorbed fully along the comparably small crash distance, 
which leads to a significant increase in mass of above fuselage structure (Waimer 2013). 
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Figure 2-6: CRASURV project pyramid (adapted from (Johnson and Kindervater 1997)). 
 
Further research on crashworthiness aspects of the narrow-body fuselages considered the cargo 
area in addition to the sub-cargo structure to increase the available crash height. When tests 
were performed, this increased crash zone was affected by frame bending failure. Research has 
been done to improve the bending failure characteristics of CFRP frame structures with the 
motivation to increase the energy absorption capacity of the structure (Moas, Boitnott et al. 
1994, Woodson, Johnson et al. 1996, Perez 1999). The outcome of this research resulted in an 
optimized frame structure design with limited improvements in energy absorption during the 
bending failure process. Recently, researchers considered installing additional crushable 
honeycombs, foams or sine-wave beams in the sub-cargo structure in single-aisle transport 
aircraft (Meng, Zhou et al. 2009, Zheng, Xiang et al. 2011, Ren and Xiang 2016). With these 
designs, the cabin acceleration levels could be reduced and significant parts of the kinetic 
energy could be absorbed by the crush devices in the sub-cargo structure. On the downside, the 
support structure did not provide sufficient stiffness to realise the crushing of the absorber 
devices to a large extent. Ren and Xiang (Ren and Xiang 2016) highlight the need for energy 
absorption capability in the frame, which is particularly relevant for narrow-body aircraft. 
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To address this issue, Airbus and DLR have been working on new single-aisle composite 
fuselage crash concepts, one of which is the “bend frame crash concept” and the other of which 
is the “tension absorber” composite joint (Heimbs, Hoffmann et al. 2013, Waimer, Kohlgruber 
et al. 2013, Waimer, Schatrow et al. 2016, Waimer, Feser et al. 2018). The first concept takes 
motivation from the history of crash concepts and considers the progressive crushing of the 
sub-cargo structure as the main absorption mechanism. The aim behind the development of 
this concept was to absorb 30% of the impact kinetic energy by progressive failure of the sub-
cargo structure in a drop test scenario occurring at 6.7 m/s (Waimer, Feser et al. 2018). Figure 
2-7 illustrates the bend frame concept and the absorber structure. This concept was 
characterised by cascading crash kinematics. In the first phase after impact, energy was 
absorbed by sub-cargo crushing, which was enabled by a cargo cross beam that sustained these 
crush loads. In the second and third phase, frame failure occurred which was initiated by cargo 
cross beam failure and the corresponding change of the bending moment distribution in the 
frame. In the fourth phase, residual kinetic energy was absorbed by the progressive crushing 
of the cabin floor support struts (Waimer, Feser et al. 2018). Numerical simulations were 
performed at the fuselage level to develop the crash kinematics and to assess the capability of 
this crash concept. The results of the numerical analyses showed 35% of the total internal 
energy was absorbed by the sub-cargo structure in the first crash phase, while 52% was 
absorbed in the second crash phase by the frame structure. The required energy absorption 
capacity in the frame resulted in increased frame mass by more than 100% compared to the 
statically pre-sized frame mass. These results were used to design a fuselage section with 
integrated absorber elements for drop tests. The test results showed good crash performance 
and the passenger loads remained below the limit that can cause severe injuries. Besides that, 
there were a few disadvantages for this concept. The available crash distances below the cargo 
floor in narrow-body transport aircraft is small, which led to an unfavourable design in terms 
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of manufacturing costs and it also added a structural mass penalty. Furthermore, the absorber 
element used in this concept was able to reduce the structural loads but the smooth energy 
absorption behaviour was interrupted by triggering of the subsequent cascade levels identified 
in crash kinematics (Waimer, Feser et al. 2018). Due to these disadvantages, it was decided not 
to pursue this crash concept any further. 
 
Figure 2-7: Bend frame concept (adapted from (Waimer, Feser et al. 2018)). 
 
The second crash concept was developed based on the experience gained from the results of 
the bend frame concept. The main aim behind developing the “tension absorber”, is to reduce 
the structural mass penalty, as well as to reduce the energy absorption requirements for frame 
bending failure. In a typical survivable crash scenario of transport aircraft, cargo cross-beams 
are loaded in tension due to the global bending of the sub-cargo structure. Moreover, the entire 
fuselage cross-section tends to deform into an oval shape that is partially prevented by the 
tensile-loaded passenger cross beam. (Waimer, Feser et al. 2018). In this crash concept, joints 
in areas known to be loaded in tension during a crash landing are modified, to enable them to 
absorb considerable amounts of energy. As illustrated in Figure 2-8, the targeted areas are the 
cargo and passenger cross-beams, which are loaded in tension as the fuselage deforms into a 
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more oval shape during a vertical impact. It has been predicted, via full-scale simulations, that 
more than 50% of the overall absorbed energy could be taken by such tension absorbers, so 
that much less energy would need to be absorbed by the sub-cargo crush zone (Margull, 
Waimer et al. 2015, Waimer, Feser et al. 2018). As the tension absorber concept involves the 
modification of joints, in the following section, an overview of composite bolted joints is given 
which is followed by the detailed review on tension absorbers. 
 
Figure 2-8: Tension-absorbing joint concept for narrow-body composite fuselage (Waimer, 
Schatrow et al. 2016, Waimer, Feser et al. 2018). 
 
2.2 Overview of composite bolted joints  
The current trend in the aeronautical industry shows increased use of composite materials in 
primary aircraft structures. Most of these structures are joined together by bolts. Unlike bonded 
joints, bolted joints offer ease of assembly and disassembly (Croxford, Davidson et al. 2018).  
Bolts require machining a hole or cut out in the laminate, which causes stress concentrations at 
those locations. For this reason, damage in composite bolted joints can initiate at an early 
loading stage and accumulate inside the laminate as the load increases (Wang, Hung et al. 
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1996). A significant amount of literature is available on the influence of various geometrical 
and material parameters on the failure of bolted joints (Eriksson 1990, Wang, Hung et al. 1996, 
Camanho, Bowron et al. 1998, Banbury and Kelly 1999, McCarthy, Lawlor et al. 2002, Hart-
Smith 2003, Kelly and Hallström 2004, Pearce, Johnson et al. 2010, Seike, Takao et al. 2010, 
Pearce, Johnson et al. 2014, Wagner, Heimbs et al. 2020). 
2.2.1 Failure modes of composite bolted joints 
In general, there are seven common modes of failure for composite bolted joints: 
 Bearing 
 Shear-out 
 Net tension 
 Cleavage-tension (tension and shear-out failure) 
 Bolt failure 
 Bolt pull-through, and 
 Any combination of these modes 
 
Figure 2-9 illustrates the various failure modes (Hart-Smith 2003). The first four are considered 
to be the fundamental modes of failure (Mosallam 2011). All of these failure modes are strongly 
influenced by ratios involving specimen width (w), bolt diameter (D), edge distance (e) and 
laminate thickness (t). Figure 2-10 shows the geometrical notation for a single-bolt, single-lap 
bolted joint. The reader is referred to (Thoppul, Finegan et al. 2009) for a thorough review of 
joint design studies. 
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Figure 2-9: Failure modes of composite bolted joints (adapted from (Hart-Smith 2003)). 
 
Figure 2-10: Notation for single-bolt, single-lap bolted joint dimensions (adapted from (Egan 
2013)). 
 
For composite bolted joints, bearing failure is the least catastrophic mode of failure. To ensure 
an efficient bolted joint design, the bearing stress should be kept as low as possible on the most 
critical fastener in the composite structure. Bearing failure is strongly dependent on 
fibre/matrix architecture, laminate stacking sequence, laminate thickness (t), bolt diameter (D) 
and loading conditions (Wang, Hung et al. 1996). For example, increasing the diameter-to-
thickness (D/t) ratio decreases the bearing strength of composite bolted joints, whereas 
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increasing width-to-diameter (w/D) and edge-to-diameter (e/D) ratios increase the bearing 
strength (Collings 1982, Rosner and Rizkalla 1995, Ger, Kawata et al. 1996, Sen, Pakdil et al. 
2008, Meng, Wan et al. 2019). This finding is similar for both pin and bolt loaded joints. 
Bearing failure occurs due to compressive and shear stresses at the hole boundary (Wang, Hung 
et al. 1996, Camanho, Bowron et al. 1998). The damage mechanisms involved in bearing 
failure have been studied by Xiao and Ishikawa and Seike et al. (Xiao and Ishikawa 2005, Seike, 
Takao et al. 2010), who showed that fibre kinking plays an important role in promoting this 
failure mode.  
Shear-out failure is regarded as a special case of bearing failure. In metals, this mode of failure 
is a consequence of a bearing failure with a short edge distance (e), but with composites it can 
occur even with large edge distance in poorly-chosen layups. This failure mode is a 
combination of in-plane and interlaminar shear failures. To avoid the occurrence of this 
catastrophic failure model, it is recommended to select an optimized layup (percentage of each 
ply orientation). This failure mode is prevalent for the layups that have a high percentage of 0° 
plies and are deficient in 90° plies (Mosallam 2011). The following guidelines are 
recommended to avoid this failure mode: 
 Decrease the maximum percentage of 0° plies in the layup. 
 Increase the minimum percentage of 90° or ±45° plies in the layup. 
 Where possible, use an interspersed stacking sequence. 
Net-tension failure is caused by tangential or compression stresses at the hole edge and is likely 
to occur in cases where the width-to-diameter ratio (w/D) is small. In this failure mode, cracks 
usually propagate in a direction transverse to load direction (Mosallam 2011).  
Cleavage tension failure is a combination of tension and shear failure. In several cases, this 
failure is triggered by an incomplete net-tension failure. This type of failure can be avoided by 
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selecting an appropriate edge distance (e) and by having a sufficient percentage of transverse 
90° plies in the layup (Mosallam 2011).  
Bolt pull-through failure is usually associated with countersunk composite bolted joints. This 
failure is likely to occur for small D/t values when the joint is loaded in tension. In this case, 
following bolt bending the bolt head is pulled through the laminate (Mosallam 2011). 
From the above discussion, it is clear that there are several factors (geometrical, material etc.) 
which influence the failure behaviour of composite bolted joints. In the following sub-sections, 
the influence of these factors is discussed.  
2.2.2 Influence of geometrical factors 
As discussed in the previous section, geometrical parameters like laminate thickness (t), bolt 
diameter (D), laminate width (w), and edge distance (e), strongly affect the failure behaviour 
of composite bolted joints. The effect of the thickness (t) is usually expressed in terms of 
diameter-to-thickness ratio (D/t). Generally, D/t ratio should be kept greater than 1.0 to avoid 
the possibility of bolt failure (Mosallam 2011). The joint bearing strength increases with 
decreasing D/t values, as shown in Figure 2-11 (a). It should be noted that there exists a lower 
limit of these values, below which the joint will fail in shear (Collings 1982, Rosner and 
Rizkalla 1995, Ger, Kawata et al. 1996, Meng, Wan et al. 2019). It is recommended not to use 
D/t values below 1.2 (Mosallam 2011). On the other hand, increasing the width-to-diameter 
(w/D) increases the bearing strength of the joint, as shown in Figure 2-11 (b). Figure 2-12 
shows the effect of decreasing the width of the joint on the failure modes. As the width of the 
joint decrease, the failure mode is changed from bearing to net-tension. The edge distance (e), 
which is defined as the distance from hole centreline to the free edge of the joint, as shown in 
Figure 2-10, has a significant effect on the bearing strength of the joint (Ger, Kawata et al. 
1996, Kelly and Hallström 2004). It is commonly expressed in terms of edge-distance-to-
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diameter ratio (e/D). Increasing the e/D ratio increases the bearing strength of the joint, as 
shown in Figure 2-11 (c). Depending on the layup of the joined laminates, decreasing this ratio 
can result in changing bearing failure mode to shear-out failure mode (Hart-Smith 2003). Table 
2-1 shows the recommended lower limits of the geometrical ratios (D/t, w/D and e/D) to ensure 
bearing failure. 
 
Figure 2-11: Variation of bearing strength with (a) D/t, (b) w/D and (c) e/D ratio (adapted from 
(Ger, Kawata et al. 1996)). 
 
Figure 2-12: Influence of w/D ratio on the failure mode of bolted composite joints (adapted 
from (Mosallam 2011). 
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Table 2-1: Recommended geometric ratios to ensure bearing failure in different joint 
configurations (Kelly and Hallström 2004). 
Joint Configuration D/t w/D e/D 
Pinned Joints ≥1.2 ≥2 ≥1.5 
Fastened Joints ≥1.2 ≥3 ≥2 
 
2.2.3 Influence of layup and stacking sequence 
Concerning the effect of layup and stacking sequence on the bearing strength of bolted and pin-
loaded joints, Collings (Collings 1982), showed that adding 75% of ±45° to 0° or 90° layups 
increased the bearing strength of the joint. Wang et al. (Wang, Hung et al. 1996) compared the 
bearing strength of quasi-isotropic (QI) and cross-ply laminates and found that QI laminates 
had better strength than cross-ply laminates. For both QI and cross-ply laminates, specimens 
with a 90° ply on the laminate surface had higher bearing strengths compared to the ones having 
a 0° ply on the surface. The reason was the failure of surface 0° plies by splitting and breaking 
away from the laminate under bearing loads. Park (Park 2001) also showed that QI layups had 
higher bearing strength than 0/90 layups. Eriksson (Eriksson 1990) and Hollmann (Hollmann 
1996) found that a QI laminate had higher strength than zero-dominated (60% 0°, 20% ±45°, 
20% 90°) layups. In both these papers, some of that difference can be attributed to the QI 
laminate having a lower D/t ratio than the zero-dominated laminate. Hart-Smith in (Hart-Smith 
2003) presented a graph of bearing strength as a function of all possible combinations within 
the [0/±45/90] family of laminates, as shown in Figure 2-13. It showed that QI layups had the 
highest strength, but there was a plateau around the QI configurations indicating no significant 
reduction in bearing strength for small deviations from QI. In the work of Ireman et al. (Ireman, 
Nyman et al. 1993) a typical design diagram used by Saab Military Aircraft was shown. The 
diagram showed bearing strength for the [0/±45/90] family of laminates. A clear peak existed 
for a 0° content of 20-30%, with a reduction of 50-100 MPa for laminates with 40-50% 0° plies. 
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Recently, Zhuang et al. (Zhuang, Chen et al. 2019) performed an experimental study to 
compare the bearing strength of dispersed and blocked QI layup laminates. Dispersed laminates 
with 45/-45 plies on the surface of the laminate gave the highest bearing strength. 
 
Figure 2-13: Bearing stress contours for bolted carbon-epoxy joints (adapted from (Hart-Smith 
2003)). 
2.2.4 Influence of bolt-hole clearance 
In the practical application of bolted joints, the fastener and hole diameter will vary within 
certain allowed tolerances. The combination of these allowed tolerances results in a range of 
bolt-hole fits (McCarthy, Lawlor et al. 2002). As a consequence, knowledge of the effect of 
tolerances on the stiffness and strength of joints is important for design and selection of 
manufacturing processes (Kelly and Hallström 2004). Several experimental, analytical and 
numerical studies were performed to investigate this effect on the joint behaviour (Pradhan and 
Ray 1984, Naik and Crews 1986, Hyer, Klang et al. 1987, DiNicola and Fantle 1993, Yuan, 
Liu et al. 1996, Pierron, Cerisier et al. 2000, McCarthy, Lawlor et al. 2002, Kelly and Hallström 
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2004, McCarthy, McCarthy et al. 2005, Subramanian and Senthilvelan 2011, Khashaba, 
Sebaey et al. 2012, Khashaba, Sebaey et al. 2018).  
Table 2-2: Summary of selected studies on the effect on bolt-hole clearance on bearing 
strength of composite bolted joints. 
Type of joint 



















et al. 2000) 
Single-bolt, single-lap, 
protruding and 
countersunk head bolted 
joint 
(D = 8mm) 
0, 80, 160 and 240 Strength 
decreases 
(McCarthy, 
Lawlor et al. 
2002) 
Pin-loaded and single-
bolt, double lap joints 
(D = 6.35 mm) 






(D = 8 mm) 





McCarthy et al. 
2005) 
Double pin-loaded  
joint 
(D = 4 mm) 












Sebaey et al. 
2012, Khashaba, 
Sebaey et al. 
2018) 
 
In general, increasing bolt-hole clearance causes the damage region to localize due to a 
decrease in the contact area, which results in the reduction of the bearing strength of composite 
bolted joints. Table 2-2 presents the summary of selected studies discussing the effect of 
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increasing bolt-hole clearance on bearing strength of the composite bolted joints. The effect of 
clearance can be minimized with a suitably selected stacking sequence. DiNicola and Fantle 
(DiNicola and Fantle 1993) conducted tests on carbon fibre/resin matrix thermosets pin-loaded 
joints with quasi-isotropic, [0/±45/90]s, and axially compliant, [±45/±45]s, layup. It was shown 
that 4% hole deformation strength (HDS) of the quasi-isotropic laminate was 3-17% greater 
than that of the axially compliant layup, for a range of bolt-hole clearances. 
2.2.5 Influence of loading rate 
Under in-plane shear loads, bearing failure is identified as one of the most dominant failure 
modes (Thoppul, Finegan et al. 2009). Due to this reason, bearing strength is often the design 
criterion for bolted joints (Fink and Camanho 2011). Most of the literature on bolted joints 
focused on quasi-static testing. On the other hand, current crashworthiness certification rules 
demand the characterization of mechanical behaviour of joints in the fuselage structure (FAA 
2007, FAA 2014, Littell 2020). So, the mechanical behaviour of joints at dynamic loading rates 
is of great interest for aircraft designers. Less research has been performed on the failure 
behaviour of composite bolted joints at high loading rates compared to metallic joints (Wagner, 
Heimbs et al. 2020). Moreover, the existing studies show conflicted findings making it unclear 
whether the loading rate influences the overall behaviour of the bolted joint or not. Wang et al. 
(Wang, He et al. 2015) found an increase in final displacement with increasing strain rate. Egan 
et.al (Egan, McCarthy et al. 2013) performed quasi-static and dynamic tests on countersunk 
composite bolted joints. It was observed that changing the loading rate changed the failure 
mode. Under quasi-static loading, fastener failure occurred, while fastener pull-through failure 
occurred under dynamic loading. An increase in energy absorption was found with increasing 
loading rate and it was attributed to the change in the failure mode occurring at a high loading 
rate. Heimbs et al. and Li et.al (Li, Mines et al. 2001, Heimbs, Schmeer et al. 2013) also 
observed a similar change in failure mode and increase in energy absorption with increasing 
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loading rate. Ger et.al (Ger, Kawata et al. 1996) reported 4-25% decrease in bearing strength 
of pin-loaded joint with increase in loading rate, whereas double lap bolted joint showed no 
variation in strength with increasing loading rate. Pearce et.al (Pearce, Johnson et al. 2010, 
Pearce, Johnson et al. 2014) conducted tests to study the strain rate effects on bearing and pull-
through failure of composite bolted joints. The authors concluded they did not observe any 
strain rate dependence in either of the test cases. 
2.3 Tension absorbers  
Crushing and fragmentation of FRPs is known to produce high mass-specific energy absorption 
(SEA) capability (Jacob, Fellers et al. 2002). Due to this reason, composite crush absorbers are 
applied in many high-performance vehicle structures like sports cars, transport aircraft and 
helicopters (McCarthy and Wiggenraad 2001, McLaren Cars 2006, FAA 2014, Boeing 2017, 
Yang, Ma et al. 2020). The majority of these absorbers are loaded in compression. However, 
there exist cases which necessitate the use of tensile absorbers to absorb energy under tension, 
which leads to an altogether different loading scenario and requires altered absorber concepts 
(Bergmann and Heimbs 2017). A classical example of this case is fall arrest absorbers for 
persons or items (Baszczyński 2004, Spierings and Stämpfli 2006, Goh and Love 2010). 
Existing tensile absorber solutions are centred on the continuous fracture of stitched seams in 
textile belts or on tension loaded highly ductile materials. Due to the brittle nature of composite 
materials, they do not seem to be a good choice for tensile absorbers. Although their off-axis 
tensile behaviour is slightly more promising they still cannot compete with highly ductile 
polymers or metals (Bergmann, Heimbs et al. 2015).  
One of the possible options for using composite materials in tension absorbers is to pull a bolt 
in a bearing mode continuously through a composite plate. This enables a relatively constant 
load level that provides efficient energy absorption and high SEA values (Bergmann and 
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Heimbs 2017). Figure 2-14 illustrates the typical load-displacement curve for a tension-
absorber joint.  
 
Figure 2-14: Illustration of a typical force-displacement curve of a tension-absorber joint 
(adapted from (Bergmann and Heimbs 2017)). 
 
Standard composite aircraft joints are designed to fail in bearing rather than catastrophic modes 
such as net tension or shear out. In bearing failure, the bolt crushes the material in front of it, 
thereby absorbing some energy, while ensuring the parts remain connected (Egan, McCarthy 
et al. 2013). In the event of a crash, the energy absorbed by a standard joint is minimal because 
the crushing process is interrupted by bolts either failing or pulling through the holes in the 
through-thickness direction (“pull-through” failure). For countersunk fasteners, partial or 
complete shear-off of the bolt heads precedes the crushing process (Egan, McCarthy et al. 
2014). In tension-absorbing joints, the objective is to extend the crushing process over 
significant distances. Waimer et al. (Waimer, Feser et al. 2018) designed specialised washers, 
and slots cut into the laminate that guide the movement of the bolt and prevent it from fracturing 
or pulling through. As illustrated in Figure 2-8, the targeted areas for integrating these joints 
are the cargo and passenger crossbeam, which are loaded in tension as the fuselage deforms 
into an oval-like shape during vertical impact. Preliminary full-scale simulations show that 
more than 50% of the overall absorbed energy could be taken by these absorbers. Consequently, 
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much less energy would be needed to absorb by the sub-cargo crush zone (Waimer, Feser et al. 
2018).  
Tension-absorbers were first proposed for energy-absorbing pilot and passenger seat structures 
made of FRPs (Extra 2000, Luetzenburger and Johnson 2002, Olschinka and Schumacher 
2006). The idea was to integrate the deformation elements, like tension absorbers or viscous 
dampers, into the lower structure of the seats so that they can absorb significant energy in the 
scenario of a crash. Pein et al. (Pein and Krause 2006, Pein, Krause et al. 2007, Pein, Laukart 
et al. 2007, Pein, Krause et al. 2008) were among the first researchers who investigated the 
influence of trigger mechanisms, material and geometrical parameters on the energy absorption 
of tension-absorber joints. They aimed to integrate this crash concept into overhead stowage 
bins of commercial aircraft structures for load-limiting purposes under tension during 
emergency landing conditions.  
To explore how different geometrical (bolt diameter, laminate thickness) and material (layup, 
stacking sequence, fibre and matrix system) parameters affect the energy absorption 
mechanisms of tension-absorbing joints, DLR and Airbus have undertaken experimental and 
numerical studies on single and multi-bolt coupons and structural elements (Schatrow and 
Waimer 2014, Schatrow and Waimer 2016, Waimer, Schatrow et al. 2016, Waimer, Feser et 
al. 2018). They studied a simplified version of the problem, namely a pin pulling through a 
composite plate. The idea behind this simplified test was to eliminate the complex and 
unpredictable effects of debris, present in the actual joint. In the following sub-sections, the 
effects of all the design parameters (geometrical, material and loading rate) are reviewed. 
2.3.1 Understanding energy absorption in tension-absorbers 
Farley and Jones (Farley 1983, Farley and Jones 1992) have described the local compression 
failure of composite laminates in front of the bolt in composite bolted joints. They divided 
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composite failure into four principal failure modes, see Figure 2-15, which are transverse shear 
(mode 1), sub-laminate bending (mode 2), brittle fracture (mode 3), which is a combination of 
mode 1 and 2, and local buckling and folding (mode 4). Modes 1-3 typically occur in brittle 
FRP materials, and their main energy absorption mechanisms are crack progression, local 
fragmentation and internal friction. On the other hand, mode 4 is typical for ductile FRPs, 
where the plastic deformation of the material contributes significantly to energy absorption. 
 
Figure 2-15: (a) Schematic of the tension-absorber joint, and (b)-(e) failure modes of FRPs 
under compressive loading (Bergmann and Heimbs 2017).   
Bergmann and Heimbs (Bergmann and Heimbs 2017) and Bergmann (Bergmann 2016) 
developed an analytical model to predict the energy absorption for tension-absorbing joints. 
They followed a simplified energy-based approach developed in (Mamalis, Manolakos et al. 
1998) for the prediction of energy absorption capability of FRPs under crushing loads. This 
approach considers inherent failure modes 1, 2 and 3 in Figure 2-15 and can be applied to both 
cylindrical and conical structures of various cross-sections. Bergmann and Heimbs (Bergmann 
and Heimbs 2017) stated that the energy absorption of tension-absorber joints can be divided 
into four energy absorbing mechanisms. The total absorbed energy can be defined as the sum 
of these mechanisms: 
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where 𝑊 is the total energy absorbed by a tension absorber and the related energy absorbing 
mechanisms are defined as: 
 Friction between the laminate, the wedge of fragments, and the bolt (𝑊𝐼) 
 Continuous bending deformation of the sub-laminate bundles (𝑊𝐼𝐼) 
 Central delamination due to interlaminar crack growth (𝑊𝐼𝐼𝐼) 
 Separation of the sub-laminate bundles from the surrounding material (𝑊𝐼𝑉) 
These energy absorption mechanisms (𝑊𝐼 − 𝑊𝐼𝑉) are dependent on geometrical (bolt diameter 
and laminate thickness) and material (fracture toughness) parameters (Bergmann and Heimbs 
2017). Furthermore, the loading rate also affects the energy absorption mechanisms.   
2.3.2 Influence of geometrical parameters  
There exists very few studies that investigated the effect of geometrical parameters on the 
strength and energy absorption behaviour of tension-absorber joints. Since these joints should 
act as normal joints under in-service loads, the variation of bearing strength with the 
geometrical parameters is expected to be similar to that discussed in section 2.2.2. To explore 
the design space of tension-absorbers, Bergmann and Heimbs (Bergmann 2016, Bergmann and 
Heimbs 2017) performed an experimental study, in which the effects of bolt diameter and 
laminate thickness on energy absorption were investigated at different loading rates. The 
reference material used for this study was HTA/RTM6. A quasi-isotropic layup [0/90/45/-
45]2ns, with n=1, 2, 3 and 4, resulting in multipliers of the reference thickness (t) of 1.8 mm (8 
plies for n=1), was chosen.  Hardened steel bolts having diameters (D) 8 mm, 12 mm and 16 
mm were used. A specialised testing rig was designed to enable the pulling of a pin through 
the composite laminate.  
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The results showed positive linear and non-linear relationships between the mean absorber 
force and bolt diameter and laminate thickness respectively. The non-linearity of the 
relationship with laminate thickness was attributed to the potential increase in area moment of 
inertia of the laminate bundles in the damage zone as the thickness increases. To the knowledge 
of the author, apart from the research of Bergmann (Bergmann 2016) and Bergmann and 
Heimbs (Bergmann and Heimbs 2017), no other systematic work has been performed that 
investigates the effects of geometrical parameters on energy absorption capability of pin-loaded 
laminates (a simplified version of tension-absorbing joints). A disadvantage of the above study 
is the lack of sufficient material data in the literature for HTA/RTM6 to calibrate a finite 
element damage model.  
2.3.3 Influence of layup and stacking sequence 
There have been several studies on the effects of stacking sequence on energy absorption in 
structures such as composite crush tubes (Farley 1983, Farley and Jones 1992, Park 2001, Aktas 
and Dirikolu 2003, Riccio, Mozzillo et al. 2013, Mahdi, Hamouda et al. 2014, Jiang, Ren et al. 
2017). In tension-absorbing joints, only the material in the front of the bolt gets crushed, so in 
this context crushing of flat plates can be considered the equivalent of the current problem with 
an infinite bolt diameter. Adam and Hobbs (Hobbs and Adams 2015) performed a series of 
experiments on flat plates having different layups and stacking sequences. Only the [0/±45] 
family of laminates was investigated. They found that increasing the number of 0° plies and 
placing them in a block in the middle of the laminate, led to an increase in specific energy 
absorption. Dispersing the 0° plies throughout the stacking sequence led to decreased energy 
absorption and an increased number of delaminations in the laminate interior. So, a blocked 
stacking sequence (where plies of similar orientation are stacked together) was recommended 
to obtain high energy absorption. Concerning tension-absorbers themselves, the only studies 
of the effects of fibre orientation on energy absorption were conducted by Bergmann and 
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Bergmann and Heimbs (Bergmann 2016, Bergmann and Heimbs 2017). In this study, only 
cross-ply (0/90) and off-axis (±45) layups were tested. It was found that a change in fibre 
orientation from 0/90° to ±45°, relative to the bolt direction, resulted in an increase in energy 
absorption of about 15-20% for carbon-fibre/epoxy material systems. However, the force-
displacement curve for ±45° laminates showed large oscillations.  
2.3.4 Influence of loading rate 
In section 2.2.5, the effects of loading rate on conventional composite bolted joints have been 
discussed. Here, the focus is on the “extended bearing failure” mode that occurs in tension-
absorber joints, which is rarely seen in conventional joints. Thus far, there have been two 
studies using the pin-loaded setup that addressed the effects of loading rate. In (Bergmann 2016, 
Bergmann and Heimbs 2017), a range of different composite materials were examined at 200 
mm/min (3.3×10-3 m/s) and 3 m/s, while in (Portemont, Berthe et al. 2018) a carbon/epoxy 
material with QI layup was tested at speeds ranging from 10-4 m/s to 1 m/s, as shown in Figure 
2-16. In both studies, the load plateau after initial failure (and hence energy absorbed) 
decreased with increased loading rate, by amounts ranging from 20% to 60%, while in 
(Portemont, Berthe et al. 2018) the peak load increased with increasing loading rate by about 
20%. The reduction in plateau load was attributed to the strain-rate dependent properties of 
polymer matrix systems, which tend to embrittle under high loading rates. At high strain rates, 
the polymer matrix system has higher strength but lower strain to failure, which results in an 
earlier release of load-carrying fibres (Bergmann and Heimbs 2017). Another reason for the 
reduction in energy absorption is the friction between the laminate bundles and the loading rig, 
which can, according to (Mamalis, Yuan et al. 1992), also change with loading rate.  
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Figure 2-16: Evolution of the bearing response with respect to the loading rates (adapted from 
(Portemont, Berthe et al. 2018)). 
2.4 Modelling of bearing failure in composite bolted joints  
There have been many finite element (FE) studies of composite bolted joints (Ireman 1998, 
Camanho and Matthews 1999, McCarthy, McCarthy et al. 2005, McCarthy, McCarthy et al. 
2005, Xiao and Ishikawa 2005, Hühne, Zerbst et al. 2010, Pearce, Johnson et al. 2010, Chishti, 
Wang et al. 2012, Irisarri, Laurin et al. 2012, Frizzell, McCarthy et al. 2014, Pearce, Johnson 
et al. 2014, Egan, McCarthy et al. 2015, Zhou, Nezhad et al. 2015, Sola, Castanié et al. 2016, 
Le Goff, Bois et al. 2017, Yazdani Nezhad, Egan et al. 2017, Iarve, Hoos et al. 2018), with 
widely varying methods, in terms of model dimension (2D or 3D), element type (plane stress, 
shell, solid), FE solver (implicit or explicit), intra and interlaminar material failure criteria, 
damage propagation methods, and treatment of mesh dependency issues, contact, friction, and 
geometric nonlinearity. The reader is referred to the review articles of (Camanho and Matthews 
1997) and (Thoppul, Finegan et al. 2009) for an in-depth discussion on bolted joints mechanics 
and modelling. The majority focus on global joint behaviour up to the point of bearing failure, 
with relatively few providing detailed comparisons of the mesoscale damage evolution with 
experiments.  
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Modelling of bearing failure in composite bolted joints is not trivial as there is a complex 
interplay of several damage mechanisms occurring in the laminate. Wang et.al (Wang, Hung 
et al. 1996) conducted interrupted tests on bolted joints to microscopically investigate the 
internal damage occurring near the bearing strength of the joint. It was noticed shear cracks 
were formed as a result of fibre kinking, fibre matrix shearing, and matrix compression failure, 
in each ply of the laminate. The shear cracks, which occurred mostly in pairs, were aligned 
about 45° from the loading direction. Delamination (interlaminar damage) occurred when two 
shear cracks merge. Similar findings were also reported by (Camanho, Bowron et al. 1998, 
Seike, Takao et al. 2010, Sola, Castanié et al. 2016). Progressive damage analysis is a common 
approach adopted by the researchers to numerically model bearing failure. In the finite element 
modelling framework (implicit or explicit), progressive damage models first detect the failure 
initiation based on material (fibre and matrix) failure criteria, e.g., 2D or 3D Hashin (Hashin 
and Rotem 1973, Hashin 1981), Puck (Puck, Kopp et al. 2002, Puck and Schürmann 2002) or 
LaRC (Pinho, Davila et al. 2005) etc., which is followed by propagating the damage based on 
different damage propagation models, for example, constant or sudden or linear degradation or 
energy-based gradual degradation of element stresses or stiffness (Ladeveze and LeDantec 
1992, Camanho and Matthews 1999, Pinho, Iannucci et al. 2006, Egan 2013, Zhuang, Chen et 
al. 2019). These models require strength and fracture toughness of the composite material at 
the ply scale to predict the failure behaviour for all stacking sequences and joint geometries 
(Irisarri, Laurin et al. 2012). For theoretical details on the commonly used progressive damage 
models, the reader is referred to a report from NASA on composite damage models (Pinho, 
Davila et al. 2005). 
Camanho and Matthews (Camanho and Matthews 1999) developed a three-dimensional (3D) 
finite element damage model to predict the damage progression and strength of bolted and 
pinned joints in unidirectional carbon-epoxy composites. The considered parameters were 
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edge-to-hole diameter ratio (e/D) and plate width-to-hole diameter ratio (w/D). A good 
agreement between experimental results and the numerical prediction was found with a 
maximum prediction error of 13%.  İçten et al. (İçten and Karakuzu 2002) also investigated the 
effects of e/D and w/D ratios and fibre angle on the bearing strength of a carbon-epoxy woven 
composite plates. In this work, Hashin failure criteria were used to predict the bearing strength. 
Good agreement between experimental and numerical results was found. The maximum error 
in strength prediction was 25%. In another study (Pisano and Fuschi 2011), a 2D damage model 
was developed using a Linear Matching Method (LMM) and Elastic Compensation Method 
(ECM) to predict the strength of a pinned composite joint for varying e/D and w/D ratios. 
Overall, a good agreement between numerical and experimental results was observed, but for 
a few configurations, the model was not able to capture the strength with precision. This 
discrepancy was attributed to the absence of 3D effects in the model. Later on, the same authors 
modified their 2D damage model by using a layer-by-layer approach, resulting in a good 
prediction of the effect of varying stacking sequence and w/D and e/D ratios on the ultimate 
strength of the pin joint (Pisano, Fuschi et al. 2012). An overall satisfactory prediction of 
bearing strength for different stacking sequences was reported, while the maximum error 
between the experimental and numerical results was 20%. Frizell et al. (Frizzell, McCarthy et 
al. 2011) developed a 3D continuum damage in ABAQUS/Standard to predict the damage 
mechanisms in pin-loaded fibre-metal laminate (FML) joints. LaRc04 (Pinho, Davila et al. 
2005) criteria were used to predict the failure at ply level and the Ladeveze model (Ladeveze 
and LeDantec 1992) was used for damage evolution. A very good agreement was obtained 
between numerical and experimental bearing stress-strain but the numerical model was not able 
to predict correctly the joint ultimate failure load due to the inaccuracies in the clamping 
boundary conditions and compressive elastic material properties. Egan et al. (Egan, McCarthy 
et al. 2014, Egan, McCarthy et al. 2015) developed a 3D mesoscale damage model based on 
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Puck criteria to predict matrix failure in ABAQUS/Explicit. The model also had a non-linear 
shear law, with a novel treatment of load reversal to predict the non-linear shear response, and 
a crack band model (Bažant and Oh 1983) to mitigate mesh sensitivity. The model was used to 
predict the quasi-static and dynamic response of countersunk fuselage skin joints. A good 
agreement between experimental and numerical results in terms of failure modes and bearing 
strength prediction was obtained. The authors also highlighted the robustness of an explicit 
solver to predict the extensive hole crushing, which is not possible when using implicit solvers. 
Recently, Khashaba et al. (Khashaba, Sebaey et al. 2019) developed a 3D progressive damage 
model in ABAQUS/Standard to predict the failure load of pinned joints in glass fibre-epoxy 
composites. In this study, the effect of pin-hole clearance on bearing strength was studied. The 
FEM results gave very good agreement to the measured values with a maximum error of 4.7%. 
Zhuang et al. (Zhuang, Chen et al. 2019) developed a 3D phenomenological damage model in 
ABAQUS/Explicit to model the effects of stacking sequence and laminate thickness on bearing 
damage and failure of the pin-loaded joint. The model was successfully able to predict the 
bearing strength, and the maximum error between the experimental and numerical results was 
8.5%.  
In the case of tension-absorbing joints, the material in front of the pin gets crushed over a 
significant pin displacement. Therefore, to predict the complete mechanical response of a 
tension-absorbing joint, there is a need for a model that can not only capture the bearing 
strength but also predict the extended bearing or local crushing response of the joint. Pinho 
et.al (Pinho, Camanho et al. 2004), Palanivelu et al. (Palanivelu, Van Paepegem et al. 2010) 
and Fleming (Fleming 2011) proposed various numerical models for the simulation of crushing 
of fibre-reinforced composite materials. However, interactive damage mechanisms and 
material non-linearity with degrading shear modulus were not captured by these models. Tan 
et al. (Tan, Falzon et al. 2015, Tan and Falzon 2016) used the mesoscale model to predict the 
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crushing response of thermoplastic corrugated composite specimens. In their work, they 
included both intra and inter laminar damage modes within a material subroutine (VUMAT). 
Abaqus/Explicit was used to simulate the damage process and an excellent agreement between 
the experimental and numerical results was obtained.  
In tension-absorbing joints, different damage and failure mechanisms, as identified in section 
2.3, can occur. Numerical simulations are typically the simplification of real phenomena and it 
is desired that all the potential failure modes are captured to ensure accurate prediction of 
energy absorption. Phenomenological approaches such as CZone in Abaqus/Explicit 
(Indermuehle, Barnes et al. 2009) or the crash-front algorithm in LS-DYNA (Heimbs, Strobl 
et al. 2009) have the disadvantage that they require extensive characterisation of mean crushing 
loads in composite elements. Genuinely predictive models require mesoscale level damage 
models. Bergmann and Heimbs (Bergmann and Heimbs 2017) developed a 2D damage model 
based on Ladeveze CDM model to model the crushing response in tension-absorbing joints. 
Abaqus/Explicit in-built cohesive elements were used to model the interlaminar failure. The 
general deformation behaviour of the composite structure was obtained but the effects of 
geometrical parameters on the energy absorption were not captured. This was attributed to the 
unrealistic and premature interlaminar failure, which resulted in reduced bending stiffness and 
over-simplification of real failure mechanisms at the micro-level. Feser and Waimer (Feser and 
Waimer 2016) developed a stacked shell approach with cohesive elements to model 
delamination and applied it to the experiments in (Schatrow and Waimer 2014, Schatrow and 
Waimer 2016, Waimer, Schatrow et al. 2016, Waimer, Feser et al. 2018). The Abaqus/Explicit 
in-built composite damage model was used to model the intralaminar damage. The developed 
methods worked well, but full validation against experiments was hampered by the 
unavailability of complete material data for the material used. 
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2.5 Gaps in research 
Based on the literature review following research gaps are identified: 
1. In the work of Bergmann (Bergmann 2016, Bergmann and Heimbs 2017), an 
experimental investigation of the effects of bolt diameter, laminate thickness, fibre 
orientation and material system on the energy absorption characteristics of tension-
absorber joints was performed. However, the properties of the materials used are not 
widely available in the literature, making validation of models problematic. 
Furthermore, the focus was solely on energy absorption but in fact, a crash is an unlikely 
event and joints must be capable of performing satisfactorily under in-service loads as 
well. Thus, characterisation of bearing strength of these joints for different geometrical 
and material parameters is also important but no systematic study has been performed 
on this aspect to date. 
2. The reviewed literature only provides information on general damage mechanisms that 
can occur due to local compression of the material in front of the bolt. These damage 
mechanisms, which contribute greatly towards the energy absorption, are strongly 
dependent on geometrical and material parameters, and a thorough investigation is 
needed to understand the variation of energy absorption with such parameters. This will 
greatly help designers to optimise their design.  
3. The effects of loading rate on the energy absorption capability of tension-absorber 
joints are not covered definitively in the literature. More work is needed on this topic.  
4. To date, a 3D mesoscale damage model has not yet been used to predict the bearing 
strength and energy absorption of tension-absorber joints undergoing extended bearing 
failure. The problem is an extremely challenging one and the development of a model 
capable of predicting the complex damage events involved would be a significant 
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Energy absorption capability of composite bolted joints undergoing extended bearing 
failure 
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Michael E. Byrnea, Michael A. McCarthya,*1 
a Irish Composites Centre (ICOMP), Bernal Institute, School of Engineering, University of Limerick, Ireland 
b German Aerospace Center (DLR), Institute of Structures and Design, Stuttgart, Germany 
ABSTRACT 
Innovative crashworthiness strategies are needed for future narrow-body composite fuselage 
aircraft due to limited crash energy absorption capability below the cargo floor. A recently-
proposed approach is to use specially-designed “tension absorber” joints which absorb energy 
through an extended bearing failure process. To explore the design space, experimental tests 
are performed on pin-loaded joints in a widely-used carbon fibre/epoxy composite, with 
varying stacking sequence, pin diameter and laminate thickness. A bespoke rig is used to pull 
the pin completely through the laminate. Performance parameters include ultimate bearing 
strength, mean crushing stress and mass-specific energy absorption. Three-dimensional 
computed tomography (3D CT) and scanning electron microscopy are used to examine failure 
and damage. Diameter-to-thickness ratio is found to be an excellent predictor of energy 
absorption, with small values giving best results, provided the thickness is sufficient to avoid 
global bending of the specimen. The use of a well-characterised material and availability of 3D 
CT data enables the results to be used for validation of analysis tools.  
Keywords: Composite bolted joints, mechanical testing, energy absorption, bearing failure 
3.1 Introduction 
The use of carbon fibre reinforced polymer (CFRP) composites in wide-body commercial 
aircraft fuselages is now established practice, as witnessed by the Airbus A350 XWB and the 
Boeing 787 Dreamliner. To achieve certification, an equivalent level of occupant safety to that 
of previously certified, wide-body, metallic fuselage transports had to be demonstrated in a 
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“foreseeable survivable impact event”, defined as a 30 ft/s (9.14 m/s) vertical drop test (FAA 
2007, FAA 2014). Due to the relatively large height of the space below the cargo floor in wide-
body aircraft, it was possible to achieve the bulk of the energy absorption requirements via a 
sub-cargo structure involving crushable composite beams (Bolukbasi, Baxter et al. 2013). 
However, in single-aisle (i.e. narrow-body) aircraft, the height of the sub-cargo area is much 
less, so additional energy absorbing structures or devices will be required (Waimer, Feser et al. 
2018).  
To address this issue, Airbus and DLR have been working on new single-aisle composite 
fuselage concepts, one of which involves the use of “tension absorbing” composite joints 
(Schatrow and Waimer 2014, Schatrow and Waimer 2016, Waimer, Schatrow et al. 2016, 
Waimer, Feser et al. 2018). Most energy-absorption solutions are developed for compressive 
loads. However, tensile-loaded absorbers also exist, e.g. in fall-arrest devices for industrial 
workers (Goh and Love 2010). The proposed Airbus/DLR concepts involve modification of 
joints in areas known to be loaded in tension during a crash landing, to enable them to absorb 
considerable amounts of energy. As illustrated in Figure 3-1, the targeted areas are the cargo 
and passenger cross-beams, which are loaded in tension as the fuselage deforms into a more 
oval shape during a vertical impact. It has been predicted, via full-scale simulations, that more 
than 50% of the overall absorbed energy could be taken by such tension absorbers, so that much 
less energy would need to be absorbed by the sub-cargo crush zone (Waimer, Feser et al. 2018). 
This has the added benefit of allowing a lighter cargo cross-beam. 
Failure of composite bolted joints is considerably more complex than that of metallic joints 
and has been extensively studied in the past (Camanho and Matthews 1997, Ascione, Feo et al. 
2009, Thoppul, Finegan et al. 2009). Composite aircraft joints are typically designed to fail in 
bearing rather than in catastrophic failure modes such as net tension or shear out. In bearing 
failure, the bolts crush the material in front of the hole, thereby absorbing some energy, and 
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the parts remain connected. In a severe overloading, such as a crash, the energy absorbed by 
standard joints is limited because the crushing process is generally interrupted by bolts pulling 
through the holes in the through-thickness direction (“pull-through” failure). For countersunk 
fasteners, this can be preceded by partial or complete shear-off of the bolt heads (Egan, 
McCarthy et al. 2013). 
 
Figure 3-1: Tension-absorbing joint concept for narrow-body composite fuselage (Waimer, 
Schatrow et al. 2016, Waimer, Feser et al. 2018).  
 
In tension-absorbing joints, the aim is to continue the crushing process over much longer 
distances (referred to here as “extended bearing failure”), thereby enabling significant levels 
of energy absorption. As illustrated in Figure 1, this is achieved via specially-designed washers, 
and slots cut into the composite, which guide the bolt’s travel and prevent it from fracturing or 
pulling through. The flow of debris is also controlled so as not to impede bolt progress. 
Examples of various designs can be found in (Waimer, Schatrow et al. 2016, Waimer, Feser et 
al. 2018). The concept was originally proposed for overhead luggage racks (Pein, Krause et al. 











































To explore the design space for such tension absorbers, Airbus and DLR have undertaken 
experimental and numerical studies on single and multi-bolt coupons and structural elements  
(Schatrow and Waimer 2014, Feser and Waimer 2016, Schatrow and Waimer 2016, Waimer, 
Schatrow et al. 2016, Waimer, Feser et al. 2018). They have also studied a simplified version 
of the problem, namely a pin being pulled through a composite plate, to examine the effects of 
individual material and geometric parameters, since the influence of debris in the actual joints 
is unpredictable and can mask the effects of other variables. Bergmann (Bergmann 2016), 
Heimbs and Bergmann (Heimbs and Bergmann 2014) and Bergmann et al. (Bergmann, Heimbs 
et al. 2014) have used the pin-loaded setup to examine the energy-absorbing performance of a 
wide variety of fibre and matrix materials, as well as fibre architectures and layups. They also 
performed material characterisation of woven fabric HTA/RTM6 and carried out pin bearing 
simulations using a layered shell approach. Feser and Waimer (Feser and Waimer 2016) 
developed a stacked shell approach with cohesive elements to model delamination, and applied 
it to the experiments in (Schatrow and Waimer 2014, Schatrow and Waimer 2016, Waimer, 
Schatrow et al. 2016, Waimer, Feser et al. 2018). The developed methods worked well, but full 
validation against experiments was hampered by the unavailability of complete material data 
for the material used.  
In an EU-funded project, DLR and the University of Limerick are collaborating to extend the 
studies on tension absorbers in (Bergmann, Heimbs et al. 2014, Heimbs and Bergmann 2014, 
Schatrow and Waimer 2014, Bergmann 2016, Feser and Waimer 2016, Schatrow and Waimer 
2016, Waimer, Schatrow et al. 2016, Waimer, Siemann et al. 2017, Waimer, Feser et al. 2018). 
In the present work, the approach in (Bergmann, Heimbs et al. 2014, Heimbs and Bergmann 
2014, Bergmann 2016) is followed, whereby a pin is pulled through a laminate to study the 
effects of geometric and material parameters on bearing strength and energy absorption 
capability. Bearing strength is relevant because tension-absorbing joints must also function 
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appropriately during in-service loads. Fifteen configurations are tested, involving variations in 
pin diameter, laminate thickness and stacking sequence. The chosen material is IM7/8552 
carbon/epoxy, which has been used in the third world-wide composites failure exercise 
(Kaddour, Hinton et al. 2013). All the parameters needed to calibrate damage and failure 
models for this material have been extensively characterised already (Koerber, Xavier et al. 
2010, Koerber and Camanho 2011, Cui, Thomson et al. 2016, Kuhn, Catalanotti et al. 2017), 
so the results herein can be used for validation of models without further material tests. The 
test campaign is split between two laboratories (DLR and ULIM), to examine machine-specific 
influences, if any. Tests are performed at quasi-static rates (dynamic tests are planned for later), 
and three-dimensional computed tomography (3D CT) and scanning electron microscopy 
(SEM) are used to investigate failure mechanisms.  
3.2 Materials and methods 
3.2.1  Specimen and test campaign details 
HexPly® IM7/8552 (EU version: 134 gsm) carbon fibre/epoxy composite was obtained in pre-
preg form with a nominal ply thickness of 0.125 mm. Quasi-isotropic panels were laid up by 
hand and consolidated in the ULIM autoclave according to manufacturer specifications. 
Specimens with the geometry shown in Figure 3-2 were extracted via water jet cutting. The 
geometry was selected following a prior study (Hassan, O’Higgins et al. 2019), considering the 
grip systems of the two test machines and a desire to avoid specimen damage reaching all the 
way to the edge. Holes were drilled using solid carbide tooling with an H7 tolerance.  
As outlined in Table 3-1, fifteen configurations were tested, with variable stacking sequence, 
pin diameter and laminate thickness. Using the nomenclature in (Li, Hallett et al. 2009, 
Wisnom 2012), the 2 mm and 3 mm thick stacking sequences are labelled “dispersed” or 
“blocked” depending on whether the stacking sequence is  45 / 45 / 90 / 0 ns  with n = 2, 3 or 
 45 / 45 / 90 / 0m m m m s  with m = 2, 3, respectively. A code is used to identify the stacking 
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sequence, pin diameter and laminate thickness (e.g. DS_D4_T2 or BK_D12_T3). For the 1 mm 
thick specimens DS/BK is omitted, since the 1 mm thick  45 / 45 / 90 / 0 s  45 / 45 / 90 / 0 s  
laminate could be considered the “root” stacking sequence of the dispersed test series (with n 
= 1), or the blocked test series (with m = 1). Thus, there are five stacking sequences in total. 
Four repeats of each configuration were performed, two each at ULIM and DLR, giving 60 
tests in all, with 10 further interrupted tests undertaken for CT and SEM analysis (the boldfaced 
configurations in Table 3-1). 
Table 3-1: Test parameters (nominal ply thickness = 0.125 mm). Four repeats performed of 
each case. For the 10 boldfaced configurations, an additional interrupted test was performed 
and examined with microscopy.  
Configuration Code Stacking sequence Bolt diameter (mm) Thickness (mm) 
1 D4_T1  45 / 45 / 90 / 0
s
  4 1 mm 
2 D8_T1  45 / 45 / 90 / 0
s
  8 1 mm 
3 D12_T1  45 / 45 / 90 / 0
s
  12 1 mm 
4 DS_D4_T2  
2
45 / 45 / 90 / 0
s
  4 2 mm 
5 DS_D8_T2  
2
45 / 45 / 90 / 0
s
  8 2 mm 
6 DS_D12_T2  245 / 45 / 90 / 0 s  12 2 mm 
7 DS_D4_T3  
3
45 / 45 / 90 / 0
s
  4 3 mm 
8 DS_D8_T3  
3
45 / 45 / 90 / 0
s
  8 3 mm 
9 DS_D12_T3  345 / 45 / 90 / 0 s  12 3 mm 
10 BK_D4_T2  2 2 2 245 / 45 / 90 / 0 s  4 2 mm 
11 BK_D8_T2  2 2 2 245 / 45 / 90 / 0 s  8 2 mm 
12 BK_D12_T2  2 2 2 245 / 45 / 90 / 0 s  12 2 mm 
13 BK_D4_T3  3 3 3 345 / 45 / 90 / 0 s  4 3 mm 
14 BK_D8_T3  3 3 3 345 / 45 / 90 / 0 s  8 3 mm 





Figure 3-2: Specimen geometry 
3.2.2 Experimental set-up 
Servo-hydraulic test machines were used, a Zwick 100 kN machine at ULIM, and an Instron 
VHS100/20M machine at DLR. Hydraulic grips were used at ULIM, while mechanical grips 
were used at DLR. The bespoke test rig, shown in Figure 3-3(a), was designed to be low mass 
since it will also be used in dynamic tests. It contains three main components: a hardened steel 
pin, a pair of steel tensions rods used to load the pin, and a steel pulling plate bolted to the 
tension rods. As shown in Figure 3-3(b), the steel plate was gripped at the loading end of the 
servo-hydraulic machine, and the composite specimen was gripped at the fixed end. By using 
different thickness steel plates for the different thickness composite specimens, and carefully 
centring the specimen between the tension rods, sufficient space was provided for debris 
outflow (2.5 mm on each side). A test velocity of 10 mm/min was chosen. Portement et al. 
(Portemont, Berthe et al. 2018) showed for a similar pin-crushing problem that strain rates up 
to 60 mm/min cause no noticeable strain rate effects, so the velocity used here can be regarded 
as quasi-static. Specimens had one surface prepared for DIC analysis, but as shown in Figure 
3(c), surface plies partially peeled off as soon as crushing began so the DIC data revealed little 
and is not presented here. Identifiable black dots were marked on the pin surface for 
measurement of pin displacement using DIC software (DaVis, a product of LaVision GmbH, 









Figure 3-3: (a) Exploded view of test rig, (b) side view of test setup, (c) surface ply behaviour 
3.3 Results and discussion 
3.3.1  Sample load-deflection curves and performance parameter definitions 
Figure 3-4(a) shows complete load-displacement curves for four repeats (two from each 
laboratory) of one configuration, while Figure 3-4(b) shows the response over the first 3 mm. 
Good repeatability is observed and, in general, no statistically significant difference was found 
between the results from DLR and ULIM, apart from a minor difference in machine stiffness. 
Neglecting the initial non-linearity as pin-hole contact is established, and slack in the system 
is taken up, three main phases can be identified in the load-displacement response: 
Phase 1 Linearly increasing load, with slight non-linearity just prior to attainment of 
maximum load, 
max
F .  
Phase 2: Sharp load drop indicating “ultimate bearing failure”, followed by establishment 
of a stable crushing load, which rises slightly until about 5 mm, and then stays fairly 
constant until 40 mm. Based on this mean crushing force, 
mean
F , is defined as the average 
force between 5 mm and 40 mm displacement. 
Phase 3: Final failure as the bolt pulls through the end of the laminate, during which the 
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Figure 3-4: (a) Force-displacement response of BK_D8_T2 specimens, i.e. 2 mm thick with 
blocked  2 2 2 245 / 45 / 90 / 0 s  2 2 2 245 / 45 / 90 / 0 s stacking sequence, tested with 8 mm diameter 
pin. (b) Response over first 3 mm. 
 
Figure 3-5 shows an example of how the test series parameters affect the response. Results are 
for 2 mm thick, blocked stacking sequence specimens tested with three different diameter pins. 
As expected, increasing pin diameter leads to higher values of 
max
F  and 
mean
F , which can be 
partially attributed to an increasing volume of crushed material. However, the ratio 
mean max
F F  is 
different for each diameter, illustrating that the ultimate bearing force does not necessarily scale 
with diameter at the same rate as the mean crushing force. 
 
Figure 3-5: Effect of pin diameter for a 2 mm thick, blocked  2 2 2 245 / 45 / 90 / 0 s
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To allow comparisons on a material level, the following performance parameters are defined. 
The ultimate bearing strength (UBS), 
ult







  (3.1) 







  (3.2) 
where, as noted above, 
mean
F  is calculated between 5 mm and 40 mm displacement. The mass-
specific energy absorption (SEA) is a measure used to characterise materials and structures 
such as crushable beams and tubes. It is defined as the integral of the force-deflection curve 
divided by the mass of destroyed material. To allow comparison with such studies, for the 
current pin-crushing problem, it has been estimated in (Heimbs and Bergmann 2014) that, for 
materials with brittle fibres, the width of destroyed material is 20% larger than the pin diameter. 
For comparison with that study, the same figure is used here, although as will be seen, it is not 
easy to define an exact value, as damage spreads to a different extent in each ply. In any case, 










F ds F ds

      (3.3) 
where ρ is material density and ms  is maximum pin displacement, which is taken here as 40 
mm for all tests.  
3.3.2 Performance parameter results 
Figure 3-6 summarises all the test findings on the variation of UBS, MCS and SEA with 
laminate thickness, pin diameter, and stacking sequence. Dispersed laminate results are on the 
left (Figure 3-6(a), (c) and (e)), while blocked laminate results are on the right (Figure 3-6(b), 
(d) and (f)). The 1 mm thick specimens are included in both the dispersed and blocked graphs 
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since, as explained in Section 3.1, they could be considered to the root stacking sequence for 
the dispersed test series (with n = 1) or the blocked test series (with m = 1). Note that UBS, 
MCS and SEA all involve normalisation of the force by D t  (equations (3.1), (3.2) and (3.3)), 
so a change in any of these quantities with D or t indicates the relevant force (e.g. 
max
F  for UBS, 
mean
F  for MCS etc.) does not scale proportionally with D or t.  
The UBS values, Figure 3-6(a) and (b), range between 298 and 621 MPa, which is similar to 
the range of previously reported values for this material with a quasi-isotropic layup (Camanho 
and Lambert 2006). The largest bearing strength is for the smallest pin with the thickest, 
dispersed laminate (DS_D4_T3), and is more than double that of the D12_T1 configuration. 
The variation in SEA is also very substantial. The SEA for the BK_D4_T3 configuration is 189 
kJ/kg, which is almost three times the SEA of the D12_T1 configuration (66 kJ/kg). Clearly 
the choice of pin diameter and laminate thickness are important considerations in the design of 
tension-absorbing joints.  
Addressing the effect of pin diameter in detail, the following observations can be made (with 
supporting detail provided below each observation):  
(i) UBS (Figure 3-6(a) and (b)) decreases with increasing pin diameter and the effect is 
somewhat more definitive for blocked laminates. D4_T1 is an outlier since its UBS is less than 
that for D8_T1.  
Detail: For 2 mm thick, dispersed laminates, the UBS for 8 mm and 12 mm pins is 5% and 
12% less respectively than for 4 mm pins. The corresponding reductions for a 3 mm thick, 
dispersed laminate are 8% and 20%. For a 2 mm thick, blocked laminate, the figures are 
17% and 22%, and for a 3 mm thick blocked laminate the figures are also 17% and 22%.  
57 
(ii) MCS (Figure 3-6(c) and (d)) decreases substantially with increasing pin diameter for all 
thicknesses and stacking sequences. The effect is more pronounced for blocked laminates than 
for dispersed laminates. 
      
 
      
 
      
Figure 3-6: Summary results for all 60 tests, (a) UBS dispersed stacking sequence, (b) UBS 
blocked stacking sequence, (c) MCS dispersed stacking sequence, (d) MCS blocked stacking 
sequence, (e) SEA dispersed stacking sequence, (f) SEA blocked stacking sequence 
 
Detail: For 1 mm thick laminates, the MCS for 8 mm and 12 mm pins is 25% and 44% 
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Blocked stacking sequenceD = 4 mm
D = 8 mm



















































































Dispersed stacking sequenceD = 4 mm
D = 8 mm


























































































Blocked stacking sequenceD = 4 mm
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thick, dispersed laminate are 13% and 29%, and for a 3 mm, dispersed laminate are 20% 
and 32%. For a 2 mm thick, blocked laminate, the corresponding figures are 34% and 50%, 
and for a 3 mm blocked laminate 27% and 44%. 
(iii) SEA (Figure 3-6(e) and (f)) decreases substantially with increasing pin diameter for all 
thicknesses and stacking sequences. Again the effect is most pronounced for blocked laminates.  
Detail: For a 1 mm thick laminate, the SEA for 8 mm and 12 mm pins is 37% and 48% 
less respectively than the value for a 4 mm pin. The corresponding reductions for a 2 mm 
thick, dispersed laminate are 20% and 35%, and for a 3 mm, dispersed laminate are 22% 
and 34%. For a 2 mm thick, blocked laminate, the corresponding figures are 32% and 49%, 
and for a 3 mm blocked laminate 28% and 44%. 
Summarising the effect of pin diameter, we have:  
Main result 1: Increasing pin diameter leads to lower UBS, MCS and SEA, with the effect 
being more pronounced for blocked laminates. The one outlier is D4_T1 which has a lower 
UBS than D8_T1. 
Turning to the effect of laminate thickness: 
(iv) UBS (Figure 3-6(a) and (b)) increases as thickness increases from 1 to 2 mm. For a further 
increase to 3 mm, UBS increases for dispersed laminates (not as much as from 1 to 2 mm) but 
stays the same for blocked laminates.  
Detail: Taking the UBS of a 1 mm thick specimen as the baseline, dispersed laminates with 
a 4 mm pin show a 48% increase in UBS for a 2 mm thick laminate and a 79% increase for 
a 3 mm thick laminate (i.e. increasing from 2 to 3 mm adds an extra 31% to UBS). The 
corresponding increases for an 8 mm pin are 38% and 61%, and for a 12 mm pin are 51% 
and 67%. For blocked laminates, as the thickness changes from 1 mm to 2 mm, the UBS 
59 
increases by 35%, 9% and 22% for 4 mm, 8 mm and 12 mm pins respectively, while no 
statistically significant change occurs for a thickness change from 2 mm to 3 mm. 
(v) MCS (Figure 3-6(c) and (d)) increases with increasing thickness. Similarly to UBS, the 
increase in MCS is larger as the thickness changes from 1 mm to 2 mm than when it changes 
from 2 mm to 3 mm, but unlike UBS, blocked laminates do exhibit an increase in MCS as 
thickness changes from 2 mm to 3 mm.  
Detail: Taking the MCS of a 1 mm thick specimen as baseline, dispersed laminates with a 
4 mm pin show a 22% increase in MCS for a 2 mm thickness and a 39% increase for a 3 
mm thickness (i.e. increasing from 2 to 3 mm adds an extra 17% to MCS). The 
corresponding increases for an 8 mm pin are 40% and 48%, and for a 12 mm pin are 55% 
and 71%. For blocked laminates, again taking the 1 mm thick specimen as baseline, with 
a 4 mm pin, we find a 44% increase in MCS for a 2 mm thickness, and a 51% increase for 
a 3 mm thickness. The corresponding increases for an 8 mm pin are 26% and 46%, and for 
a 12 mm pin are 29% and 51%. 
(vi) SEA (Figure 3-6(e) and (f)) shows large increases as thickness increases from 1 mm to 2 
mm, and smaller increases as thickness increases further to 3 mm.  
Detail: Taking the SEA of a 1 mm thick specimen as baseline, dispersed laminates with a 
4 mm pin show a 30% increase in MCS for a 2 mm thickness and a 41% increase for a 3 
mm thickness (i.e. increasing from 2 to 3 mm adds an extra 11% to MCS). The 
corresponding increases for an 8 mm pin are 63% and 73%, and for a 12 mm pin are 64% 
and 80%. For blocked laminates, again taking the 1 mm thick specimen as baseline, with 
a 4 mm pin, we find a 37% increase in MCS for a 2 mm thickness, and a 48% increase for 
a 3 mm thickness. The corresponding increases for an 8 mm pin are 47% and 68%, and for 
a 12 mm pin are 35% and 59%. 
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Summarising the effect of thickness: 
Main result 2: Increasing thickness from 1 mm to 2 mm leads to significant increases in 
UBS, MCS and SEA. A further increase to 3 mm results in smaller increases in all 
quantities except the UBS of blocked laminates, for which no change occurs. 
Finally the effects of stacking sequence are as follows (the 1 mm laminates are ignored here): 
(vii) UBS (Figure 3-6(a) and (b)) is higher for dispersed laminates than for blocked laminates. 
The effect is larger for thicker laminates. 
Detail: Comparing the value labels in Figure 3-6(a) and Figure 3-6 (b), it can be seen that, 
for 2 mm thickness, the UBS values for the dispersed laminate are 9% higher (512 versus 
469 MPa) for the 4 mm pin, 26% higher (489 versus 388 MPa) for the 8 mm pin, and 23% 
higher (449 versus 364 MPa) for the 12 mm pin. For the 3 mm thick specimens, the 
corresponding values are 35% (621 versus 460 MPa) for the 4 mm pin, 50% (572 versus 
381 MPa) for the 8 mm pin, and 39% (498 versus 359 MPa) for the 12 mm pin.  
(viii) MCS (Figure 3-6(c) and (d)) is highest for blocked laminates for 4 mm pins, and dispersed 
laminates for 8 mm and 12 mm pins.  
Detail: For a 4 mm pin, MCS is higher for blocked laminates by 18% for 2 mm thickness, 
and 9% for 3 mm thickness. For an 8 mm pin, it is slightly higher for the dispersed 
laminates (by 11% for 2 mm thickness and 1% for 3 mm thickness). For a 12 mm pin, it is 
higher for dispersed laminates (by 20% for 2 mm thickness and 13% for 3 mm thickness).  
(ix) SEA (Figure 3-6(e) and (f)) is (like MCS) highest for blocked laminates for 4 mm pins, and 
dispersed laminates for 8 mm and 12 mm pins.   
Detail: For a 4 mm pin, SEA is higher for blocked laminates by 30% for 2 mm thickness, 
and 5% for 3 mm thickness. For an 8 mm pin, it is higher for dispersed laminates by 11% 
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for 2 mm thickness and 3% for 3 mm thickness. For a 12 mm pin, it is higher for dispersed 
laminates by 21% for 2 mm thickness and 13% for 3 mm thickness. 
Summarising the effect of stacking sequence: 
Main result 3: Dispersed laminates have higher UBS than blocked laminates, particularly 
for thicker laminates. They also have higher MCS and SEA for 8 mm and 12 mm pins, but 
not for 4 mm pins.  
It has been reported in (Collings 1982) that increasing D/t ratio leads to lower bearing strength, 
which agrees with findings here. The authors are not aware of any previously reported 
correlation between D/t and energy absorption. To investigate this, in Figure 3-7, the results 
are plotted as a function of D/t (error bars omitted for clarity). Figure 3-7(a) shows that for 
UBS, the dispersed and blocked stacking sequence data separate into two well-defined groups, 
apart from the outlier mentioned in Main Result 1 above (D4_T1). As shown, both groups can 
be fitted with a power law equation, with an R2 value of about 0.75, confirming the observation 
in (Collings 1982) that D/t ratio is correlated with UBS, for a given stacking sequence. An 
attempt to fit a single power law equation to all the data however yields an R2 value of only 
0.52, indicating that stacking sequence is an important factor for UBS (see main result 3).  
Figure 3-7(b) and Figure 3-7(c) show MCS and SEA respectively. Remarkably, considering 
the complex phenomena involved in composite crushing, MCS and SEA show an even stronger 
correlation with D/t. If the dispersed and blocked stacking sequence data are separated, power 
law equations can be fitted for MCS with R2 = 0.95 and for SEA with R2 = 0.95-0.97. In fact, 
a single power law equation can be fitted to all the data (including both stacking sequences), 
with R2 =0.93 for MCS versus D/t, and R2 = 0.95 for SEA versus D/t, reflecting the fact that 
the influence of stacking sequence is less well-defined for MCS and SEA than it is for UBS. 
The fourth main result then is: 
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Main result 4: D/t ratio is a key parameter in energy absorption of pin-loaded joints 
undergoing extended bearing failure. Figure 3-7(c) can be used to predict the SEA of quasi-
isotropic layups of IM7/8552. 
 
       
     
Figure 3-7: Performance parameters plotted versus D/t, (a) ultimate bearing strength, (b) mean 
crushing stress (c) mass-specific energy absorption. 
 
3.4  Post-test appearance and microscopy 
Viewed simplistically, as illustrated in Figure 3-8, extended bearing failure involves crushing 
of a “crush segment” of width D and thickness t, and tearing of the segment from the rest of 
the laminate. The resistance to tearing changes with thickness but not with pin diameter, while 















































































































                                                       
Figure 3-8: Crush segment that undergoes crushing and tearing at its edges  
 
However, the real situation is much more complex, as can be seen by viewing the final state of 
each configuration in Figure 3-9. Figure 3-9(a) shows the 1 mm thick specimens, Figure 3-9(b) 
shows the dispersed 2 mm and 3 mm thick specimens, and Figure 3-9(c) shows the blocked 2 
mm and 3 mm specimens. It can be seen that damage extends far beyond the “crush segment” 
in front of the pin, particularly in the unsupported surface plies. For the blocked specimens, 
Figure 3-9(c), large strips of the outer block of 45
o
 plies have peeled off completely, exposing 
the -45
o
 ply underneath. For the dispersed specimens, the peeled areas are smaller, and involve 
only the one outer 45
o
 ply. Peeling is more prominent for blocked laminates because the aligned 
block of outer 45
o
 plies (two in T2 specimens, three in T3 specimens) provide a high resistance 
to fibre breakage, so delamination presents a lower energy failure path. The energy absorbed 
by peeling is low, so the process is detrimental to energy absorption. But in a preliminary study, 
even larger areas of peeling were found when 90
o
 plies were placed on the surface (Hassan, 
O’Higgins et al. 2019). Placing 0
o
 plies on the surface is not recommended, due to susceptibility 
to damage, and from an energy absorption point of view the 0
o
 plies are critical, so they should 
be placed in the interior where they are better supported. A fabric material on the surface may 




To examine the internal damage state, interrupted tests were performed on 10 of the 15 
configurations (boldfaced cases in in Table 3-1), which were then analysed using SEM and 3D 
CT. The tests were stopped at 0.75 mm of pin displacement which, as can be seen from Figure 
3-4(b), is just after the occurrence of the peak load. For 3D CT analysis, the specimens were 
placed in a Kapton tube and scanned using the XMT instrument Zeiss Xradia 510 Versa (Carl 
Zeiss X-ray Microscopy, Pleasanton, CA, USA). The field of view was 20 x 20 mm2 for the 
D4 and D8 specimens (resolution 15 microns per pixel) and 22 x 22 mm2 for D12 specimens 
(22 microns per pixel). Figure 3-10(a) and (b) show various views of the DS_D8_T3 and 
BK_D8_T3 specimens respectively. It is difficult to do justice to 3D datasets in 2D images, so 
for the benefit of modellers, short videos are included in the Supplementary Information, 
showing all longitudinal and transverse cross-sections.  
The dispersed laminate, Figure 3-10(a), exhibits more delaminations than the blocked laminate, 
Figure 3-10(b), but the delaminations in the blocked specimen extend further in the loading 
and width directions. Peeling of the outer three 45
o
 plies of the blocked laminate, as seen above 
in Figure 3-9, is already underway, while only the one outer 45
o
 ply is peeling in the dispersed 
laminate. Damage is more or less symmetric about the laminate centre, and similar to that of 
flat plates (Hobbs and Adams 2015), with outer plies undergoing a relatively low-energy 
“splaying” mode of failure, and inner plies experiencing a higher-energy “fragmentation” mode. 
This is illustrated further in the transverse cross-sections in Figure 3-11 of the BK_D4_T2 
specimen. Extensive delamination can be seen to the front and side of the hole. As noted by 
Wang et.al (Wang, Hung et al. 1996), pairs of shear cracks can be seen in Figure 3-11(a), 
aligned about 45 degrees to the loading direction. They result from fibre kinking, fibre-matrix 
debonding and matrix compression damage. Delamination occurs at locations where two shear 
cracks meet. From Figure 3-11(b) the most severe delaminations occur in the outer plies, while 
in the centre there is a block of about 8 (of the overall 16) plies which is largely free of 
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delamination. Recalling that the factor of 1.2 in equation (3.3) for SEA is based on an 
assumption from (Heimbs and Bergmann 2014) that the width of destroyed material is 20% 
larger than the pin diameter, it would seem from the lateral spread of the damage in Figure 
3-11(b), that the factor may be too low, and a value of about 2 might be better. However, as 
noted above, 1.2 is retained for comparison with (Heimbs and Bergmann 2014). Values could 









Figure 3-9: Final state of one sample from each configuration, (a) 1 mm thick specimens, (b) 
2 mm and 3 mm specimens with dispersed stacking sequence, (c) 2 mm and 3 mm specimens 








To give a higher resolution view, Figure 3-12 shows an SEM image of a dispersed laminate 
tested with a 4 mm pin. Multiple examples of brittle fibre fracture over short characteristic 
lengths can be seen. Brittle compressive fibre fracture is the primary contributor to overall 
energy absorption, due to the high strength of the fibres. The more times each fibre in the 0
o
 
plies can be broken along its length (i.e. the shorter the characteristic length of broken fibres), 
the more energy will be absorbed. Consequently, the lateral support provided to the 0
o
 plies by 
the other plies is critical. Without lateral support, the 0
o
 plies will bend under the applied pin 
load and the characteristic length of broken fibres will increase. 
 
 
Figure 3-10: 3D CT views of (a) DS_D8_T3, (b) BK_D8_T3 specimens (videos showing all 






Figure 3-11: Transverse sections of interrupted BK_D4_T2 test (  
2 2 2 2




2 2 2 2
45 / 45 / 90 / 0
s
 , 4 mm pin) 
 
Figure 3-12: SEM of interrupted test on DS_D4_T2 specimen (  
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45 / 45 / 90 / 0
s
 , 4 mm pin) 
Turning to the reasons behind the main results in Section 3.3.2, Figure 3-13 shows longitudinal 
sections of the loaded side of the hole, for 2 mm thick specimens. The plies are colour-coded 
to ease interpretation, and blue lines indicate interfaces involving a 90
o
 change in orientation. 
UBS, MCS and SEA values are indicated, and dashed lines are placed at distances from the 
hole edge which are multiples of the laminate thickness (2 mm in this case). Dispersed 
laminates are in the top row, and pin diameter increases from left to right.  
For the dispersed laminates, Figure 3-13(a), (b), and (c), there are 6 to 9 clearly visible 
delaminations. Most (but not all) are between interfaces involving a 90
o
 change in orientation, 
due to the high interlaminar stresses at such locations. In a few cases, there appears to be a 
Initiation of delamination







Central block of 
undelaminated plies
Fragments of 452 plies 





delamination running within a ply (mostly in 0
o
 plies), and delaminations sometimes migrate 
between interfaces (particularly near the hole edge). Three plies at the top and bottom splay 
outwards and undergo only small amounts of fragmentation. The inner 9 to 10 plies are heavily 
fragmented, and thus absorb most of the energy, particularly the four 0
o
 plies in this group. The 
fragments form debris wedges which force the outer plies outwards.  
The key difference between Figure 3-13(a), (b), and (c) is the depth of delaminations. As pin 
diameter increases, the maximum delamination depth increases from about 2.75 mm to over 4 
mm. That means that the central plies have less lateral support, so can bend more easily, 
resulting in lower pin loads. The characteristic broken fibre length is also likely to increase, 
resulting in less fibre breakages as the pin travels through the laminate. This is one explanation 
for why MCS and SEA reduce with increasing pin diameter. A second factor is that the force 
required to tear the material in the crush zone away from the rest of the laminate should not 
scale with pin diameter (see Figure 3-8), so the tearing contribution to MCS and SEA should 
decrease with pin diameter. As regards why the UBS is highest for small pins, Figure 3-14(a) 
and (b) illustrate the “brooming” deformation that occurs at bearing failure, when fibre-kinking 
occurs, and delaminations initiate. The process is similar to the buckling of a plate, and it can 
be seen that for smaller diameter pins, the width of the buckling region is smaller, so the 
buckling load, and hence UBS, is higher. For larger pins, the outer plies have less support 











UBS (MPa) MCS (MPa) SEA (kJ/kg) UBS (MPa) MCS (MPa) SEA (kJ/kg) 
512 298 166 489 258 132 449 211 108 
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Figure 3-13:  Effect of pin diameter and stacking sequence on damage in front of hole. Diameter varies across page, top row is dispersed laminate, 
bottom row in blocked laminate 










































































Figure 3-14: (a) Brooming deformation at bearing failure with 8 mm pin, (b) 12 mm pin. (c) 
Global bending of 1 mm thick specimens at peak load and beyond, (d) absence of global 
bending in 2 mm thick specimens. 
 
The outlier in “main result 1” was the D4_T1 specimen, which has a lower UBS than D8_T1. 
A possible reason is apparent in snapshots from the test videos, shown in Figure 3-14(c) and 
(d). The 1 mm specimens undergo global bending, Figure 3-14(c), and consequently the 
damage profile is less symmetric than for the thicker laminates. In contrast, no bending was 
seen for 2 mm thick laminates, Figure 3-14(d). The bending introduces extra variability into 
tests on 1 mm thick laminates, which is likely the reason for this outlier. 
For the blocked laminates, Figure 3-13(d), (e), and (f), there are fewer delaminations (4 to 5), 
and they occur almost exclusively between the blocks of similarly-oriented plies (apart from 
one within the central block of four 0
o









 plies, even though the 
latter involves a larger change in ply orientation. Once again, the maximum delamination 
length increases with pin diameter, this time from about 4 mm to 5.75 mm, and the specific 
tearing contribution reduces with increasing pin diameter, which explain the reduction in MCS 
and SEA with increasing pin diameter. The increase in delamination length (1.75 mm) is 
greater than for dispersed laminates (1.25 mm), which may be why the sensitivity to pin 
diameter is greater for blocked laminates. The arguments regarding UBS and Figure 3-14(a) 
and (b), equally apply for blocked laminates. 






t=0 Peak load Post Peak t=0 Peak load Post Peak
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Incidentally, for crushing of flat plates, which could be considered an extrapolation of the 
current work to an infinite pin diameter, Hobbs and Adams (Hobbs and Adams 2015) found 
for HexPly® IM7/8552 (US version: 190 gsm) that delaminations extend far beyond 2t, which 
is in line with the trends observed here. 
Concerning the differences between stacking sequences (main result 3), UBS is highest for 
dispersed laminates at all pin diameters. In the blocked specimens, high interlaminar stresses 
between ply blocks lead to early delamination and bearing failure. In the dispersed specimens, 
delaminations need to occur at more interfaces before fibre-kinking and bearing failure can 
occur. Regarding MCS/SEA, dispersed laminates have the highest MCS/SEA for 8 mm and 12 
mm pins, but not for 4 mm pins. The reason could be related to the size and stacking sequence 
of the central group of undelaminated plies. In each image in Figure 3-13, the largest group of 
undelaminated plies, at a distance of one laminate thickness (2 mm) from the hole edge is 
indicated. A dashed line is used if a delamination exists within this group which doesn’t quite 
reach 2 mm from the edge. For the 8 mm and 12 mm pins, the dispersed laminates, Figure 
3-13(b) and (c), have a group of 10 undelaminated plies (albeit with short delaminations within 
the group), while the largest group of undelaminated plies in the blocked laminates, Figure 
3-13(e) and (f), is four for the 8 mm pin, and six for the 12 mm pin.  The situation is reversed 
for the 4 mm pin, since the blocked laminate has a group of eight undelaminated plies, while 
the largest group in the dispersed laminate has only five plies. Delaminations within this critical 
central group of plies significantly weaken the group’s bending stiffness, which would lead to 
lower pin loads. 
The effect of thickness (main result 2), is addressed in Figure 3-15 for dispersed laminates, and 
Figure 3-16 for blocked laminates. Comparing Figure 3-15(a) and (c) for 8 mm pins, and Figure 
3-15(b) and (d) for 12 mm pins, it can be seen that the damage does not change in a self-similar 
manner as the thickness is increased. Increasing the thickness increases the number of potential 
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(and actual) delamination sites. The central group of undelaminated plies, at a distance of one 
laminate thickness from the hole edge (which is 3 mm for the thicker laminate), is off-centre 
in the thicker laminate, and the orientations of the plies contained in that group are quite 
different for the two thicknesses. Thus the crush force does better than simply scale up in 
proportion to thickness, because there are more delaminations in the thicker laminate. 
Consequently, UBS, MCS and SEA all increase with thickness. 
 In contrast, the blocked laminates in Figure 3-16 display a greater degree of self-similarity as 









 plies remain. These are initiated at the peak load, and resistance 
to their initiation should not change much with laminate thickness. Thus the peak force scales 
in proportion to laminate thickness and UBS is unaffected. The reason why MCS and SEA are 
higher for the thicker laminates may be due to a higher degree of fragmentation in the thicker 




 plies. This is likely 
due to the higher stiffness of a block of three plies relative to a block of two plies, which shifts 
the failure mode mixity more towards compressive failure and less towards bending failure. 
Finally, the large increases in UBS, MCS and SEA as the thickness increases from 1 mm to 2 
mm are due to similar reasons, plus the global bucking which occurs in the 1 mm specimens, 
as seen in Figure 3-14(c). Global buckling is likely to have a detrimental effect on the pin load 
throughout the test. 
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                                            90o orientation change
 
UBS (MPa) MCS (MPa) SEA (kJ/kg) UBS (MPa) MCS (MPa) SEA (kJ/kg) 
489 258 132 449 211 108 
  
UBS (MPa) MCS (MPa) SEA (kJ/kg) UBS (MPa) MCS (MPa) SEA (kJ/kg) 
572 272 140 498 232 119 
 
 
Figure 3-15:  Effect of laminate thickness on damage in front of hole for dispersed laminates. Diameter varies across page, top row is 2 mm 
laminate, bottom row is 3 mm laminate. 




















































                                 90o orientation change
 
UBS (MPa) MCS (MPa) SEA (kJ/kg) UBS (MPa) MCS (MPa) SEA (kJ/kg) 
388 232 119 364 176 89 
  
UBS (MPa) MCS (MPa) SEA (kJ/kg) UBS (MPa) MCS (MPa) SEA (kJ/kg) 
381 269 136 359 205 105 
 
 
Figure 3-16:  Effect of laminate thickness on damage in front of hole for blocked laminates. Diameter varies across page, top row is 2 mm laminate, bottom 
row is 3 mm laminate.













































An experimental study has been performed on extended bearing failure of pin-loaded 
composite joints. Pin diameter and laminate thickness are seen to be important parameters, and 
can change UBS by a factor of two, and SEA by a factor of nearly three. The D/t ratio proves 
to be an excellent predictor of UBS, MCS and SEA. For pin diameters between 4 mm and 12 
mm, a minimum thickness of 2 mm is recommended to avoid global buckling. Beyond this, 
increasing thickness will improve UBS but has less effect on MCS or SEA. Small diameter 
pins should be used. Two small-diameter pins spaced far enough apart (in the width direction) 
to avoid excessive interference should absorb far more energy than one large diameter pin. 
Dispersed rather than blocked stacking sequences are found to be marginally preferable for 
SEA. The extent to which these findings also apply at dynamic loading rates will be examined 
in future work. Tests on other layups are also planned. The results herein, including the CT 
scan videos in the Supplementary Information, can be used for validation of models on an 
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ABSTRACT 
Carbon fibre reinforced polymer (CFRP) materials are widely used in transport aircraft. 
Crashworthiness requirements demand sufficient energy absorption capacity, especially in the 
fuselage structure. In a recently-proposed approach, specifically-designed “tension absorber” 
joints utilize tension loads for energy absorption via progressive bearing failure. For further 
development of the concept, experimental tests are performed on pin- joints in quasi-isotropic 
CFRP material, under transient dynamic loading at 3 m/s. Investigated parameters are laminate 
thickness, stacking sequence and pin diameter, and the results are evaluated using the 
performance parameters ultimate bearing strength, mean crush stress and mass-specific energy 
absorption. A strong relation between the ratio of pin diameter to laminate thickness, D/t, and 
the performance parameters is found. Compared to previous results for quasi-static loading, the 
ultimate bearing strength is increased whereas the mean crush stress and mass-specific energy 
absorption are reduced. Digital image correlation and computed tomography analysis reveals 
the mechanisms behind the observed trends. The results provide a basis for further optimization 
of energy-absorbing joints and validation of finite element models.  
Keywords: Composite bolted joints, high strain-rate testing, energy absorption, progressive 
bearing failure 
 
                                                 




Carbon fibre reinforced polymer (CFRP) composites are widely used in commercial transport 
aircraft such as the Airbus A350 and Boeing B787. Crashworthiness requirements demand 
sufficient energy absorption capacity, especially in the fuselage structure, to ensure an 
acceptable level of occupant safety in survivable impact events (FAA 2007, FAA 2014). The 
generally brittle failure behaviour of CFRP composites necessitates specific crash concepts and 
energy absorbing devices in areas of the fuselage where substantial damage is expected in a 
crash event. Wide-body transport aircraft provide dimensions that enable absorption of a large 
portion of the crash kinetic energy by crushing of the sub-cargo floor structure (Kindervater 
and Georgi 1993). Narrow-body aircraft however provide less available crush distance in this 
area of the fuselage, so further energy absorption concepts are required. Various ideas have 
been developed based on the different load types acting in different parts of the fuselage, for 
example devices designed to exploit bending loads in the frames (Waimer, Kohlgrüber et al. 
2013), or compression loads in sub-floor beams (Heimbs, Strobl et al. 2010, Waimer, 
Kohlgruber et al. 2013, Waimer, Siemann et al. 2017).  
Devices also can be designed to absorb energy under tensile loading, an idea previously 
implemented for aircraft cabin overhead luggage bins (Pein, Krause et al. 2007). Recently, 
Airbus and DLR (Waimer, Kohlgrüber et al. 2015) have developed concepts for using such 
“tension-absorbers” in aircraft fuselages, as illustrated in Figure 4-1(a). Tension loads that act 
in a crash scenario in the cargo crossbeam, or the bolted connection between the passenger 
crossbeam and frame, are used to absorb energy in a controlled manner by progressive bearing 
failure. Predictions from full-scale simulations showed that up to 50% of the overall absorbed 
energy could be absorbed by such tension-absorbers (Waimer, Feser et al. 2018).  
Composite bolted joints are typically designed to fail in bearing and not in catastrophic failure 
modes such as shear out or net tension. In bearing failure, energy is absorbed by crushing of 
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material in front of the bolt. In a severe loading event, the energy absorption of standard joints 
is limited due to the interruption of the crushing process by bolt pull-through failure. The 
complex failure of composite bolted joints has been extensively studied in the past, both 
experimentally and numerically (Thoppul, Finegan et al. 2009, Pearce, Johnson et al. 2010, 
Egan, McCarthy et al. 2013, Heimbs, Schmeer et al. 2013, Portemont, Berthe et al. 2018).  
In tension-absorbing joints, high energy absorption is achieved by sustaining the bearing failure 
process over much longer distances. To prevent pull-through failure, specially designed 
washers and notches are used, as shown in Figure 4-1(b). Airbus and DLR have undertaken 
experimental and numerical studies of this concept using single- and multi-bolt coupons and 
structural elements (Waimer, Kohlgrüber et al. 2015, Feser and Waimer 2016, Schatrow and 
Waimer 2016). Further studies on the effects of individual material and geometric parameters 
considered a simplified design where a pin is pulled through a composite plate. The pin-loaded 
setup has been used in (Heimbs and Bergmann 2014, Bergmann 2016) to study the energy-
absorbing performance of a wide variety of fibre and matrix materials, fibre architectures and 
layups, under quasi-static (3.3×10-3 m/s) and high-rate loading (3 m/s). It has also been used to 
study the influence of loading rate on the bearing response of a carbon/epoxy laminate in 
(Portemont, Berthe et al. 2018). As loading rate increased from 10-4 m/s to 1 m/s, the peak 
bearing load increased by more than 20% and the steady-state load plateau decreased by more 
than 60% (Portemont, Berthe et al. 2018).  
In a European Commission funded research project, DLR and the University of Limerick 
(ULIM) are collaborating to extend the studies on tension absorbers in (Heimbs and Bergmann 
2014, Bergmann 2016, Feser and Waimer 2016, Portemont, Berthe et al. 2018, Waimer, Feser 
et al. 2018). In the present work, the effects of geometric and material parameters on bearing 
strength and energy absorption at dynamic loading rates are studied. Bearing strength is 
relevant since joints designed for tension absorption must primarily withstand operational loads. 
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Fifteen configurations, involving variations in pin diameter, laminate thickness and stacking 
sequence are tested at a loading rate of 3 m/s. The loading rate of 3 m/s in the range of expected 
tensile loading rates at the cabin cross beam attachment for typical transport aircraft crash 
events (Waimer, Schatrow et al. 2016). It is also the same as in previous work by the DLR 
authors (Heimbs and Bergmann 2014, Bergmann 2016) on other materials. Comparisons are 
made with results from quasi-static (1.67×10-4 m/s) loading in (Hassan, Feser et al. 2020) using 
the same test setup. The chosen material system is HexPly® IM7/8552 which has been used in 
the third world-wide failure exercise (Kaddour, Hinton et al. 2013). All parameters needed to 
calibrate numerical models for this material are already available (Koerber, Xavier et al. 2010, 
Koerber and Camanho 2011, Kuhn, Catalanotti et al. 2017). The test campaign was split 
between the laboratories at DLR and ULIM.  
 
 
Figure 4-1: Tension-absorbing crash concept by progressive bearing failure of bolted fuselage 
joints (Waimer, Kohlgrüber et al. 2015, Waimer, Schatrow et al. 2016, Waimer, Feser et al. 
2018). (a) scheme of the tension absorber concept, (b) Details of the specific design to control 
the failure process. 
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4.2 Materials and Methods 
4.2.1 Specimen and test campaign details 
The material system used is IM7/8552 (EU version: 134 gsm) with a nominal ply thickness of 
0.125 mm. Quasi-isotropic panels were laid up by hand and consolidated in the ULIM LBBC 
Technologies TC 1000 THPT autoclave according to the manufacturer specifications. The 
specimen geometry, shown in Figure 4-2, is the same as in the quasi-static test programme 
reported in (Hassan, Feser et al. 2020). As outlined in Table 4-1, fifteen configurations were 
tested, involving three pin diameters (4 mm, 8 mm and 12 mm), three laminate thicknesses (1 
mm, 2 mm, 3 mm) and two different stacking sequences. The configuration code in Table 4-1 
indicates the laminate stacking sequence, pin diameter and laminate thickness. For the 2 mm 
and 3 mm thick specimens, the stacking sequences are labelled “dispersed” (DS_) or “blocked” 
(BK_). Dispersed laminates employ “sub-laminate scaling” (Wisnom, Hallett et al. 2010),  
having stacking sequences [45/-45/90/0]ns, where n is variable. Blocked laminates implement 
“ply-level scaling” (Wisnom, Hallett et al. 2010), having stacking sequences [45m/-
45m/90m/0m]s, where m is variable. The 1 mm thick laminates are not labelled DS_ or BK_ as 
they can be considered as the root stacking sequence for variable n or variable m. The D/t ratio 
for each configuration is given in Table 4-1 for reference later. Four repeats of each 
configuration were performed, two at ULIM and two at DLR. The total number of dynamic 
tests is 60.  
 




Table 4-1: Test parameters (nominal ply thickness = 0.125 mm). Four repeats performed for each 
configuration. 









1 D4_T1  45 / 45 / 90 / 0 s  4 1  4 
2 D8_T1  45 / 45 / 90 / 0 s  8 1  8 
3 D12_T1  45 / 45 / 90 / 0 s  12 1  12 
4 DS_D4_T2  245 / 45 / 90 / 0 s  4 2 2 
5 DS_D8_T2  245 / 45 / 90 / 0 s  8 2 4 
6 DS_D12_T2  245 / 45 / 90 / 0 s  12 2 6 
7 BK_D4_T2  2 2 2 245 / 45 / 90 / 0 s  4 2 2 
8 BK_D8_T2  2 2 2 245 / 45 / 90 / 0 s  8 2 4 
9 BK_D12_T2  2 2 2 245 / 45 / 90 / 0 s  12 2 6 
10 DS_D4_T3  345 / 45 / 90 / 0 s  4 3 1.33̅ 
11 DS_D8_T3  345 / 45 / 90 / 0 s  8 3 2.66̅ 
12 DS_D12_T3  345 / 45 / 90 / 0 s  12 3 4 
13 BK_D4_T3  3 3 3 345 / 45 / 90 / 0 s  4 3 1.33̅ 
14 BK_D8_T3  3 3 3 345 / 45 / 90 / 0 s  8 3 2.66̅ 
15 BK_D12_T3  3 3 3 345 / 45 / 90 / 0 s  12 3 4 
      
4.2.2 Experimental set-up 
Servo-hydraulic test machines were used, an Instron VHS100/20M at DLR and a Zwick HTM 
5020 at ULIM. Figure 4-3 shows the test setup. Specially designed tension rods were used to 
load the specimen. In contrast to the quasi-static tests in (Hassan, Feser et al. 2020), the tension 
rods were equipped with a stiffener bar to increase the tension rod natural frequencies, and 
reduce lateral vibration of the arms. The composite specimen was gripped at the fixed end of 
the test machine and the tension rods were connected via a slack adapter to the loading end. In 
both facilities, piezo-electric load cells were used to measure the forces. In the DLR setup, 
strain gauges were glued on both tension rods, as shown in Figure 4-3, to enable strain-based 
force measurement close to the pin, to capture transient dynamic effects. However, use of this 
strain-based force signal is limited to a qualitative measurement as non-linear effects in the 
gauge calibration prevented quantitatively precise measurements.  
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The specimen was carefully centred between the tension rods, and variable thickness spacers 
were used to ensure a gap of 8 mm between the tension rods, regardless of specimen thickness, 
to allow for unhindered debris outflow. The test velocity was 3 m/s, which is the same as in the 
dynamic tests of (Heimbs and Bergmann 2014, Bergmann 2016). Observable black dots were 
marked on the pin and tension rod surfaces for pin displacement measurement using Digital 
Image Correlation (DIC) software. Specimen surfaces were painted with a speckle pattern for 
strain field analysis. Detailed information on the data acquisition of both labs is provided in 
Table 2.  
 
Figure 4-3: Experimental setup 
Table 4-2: Data acquisition details  
Measurement DLR ULIM 
Force I (load cell) Piezo-electric, 0 – 200 kN, 
sampling rate: 96 kHz 
Piezo-electric, 0-50 kN, 
sampling rate: 500 kHz 
Force II (strain-based) Strain gauges at the tension 




GOM Correlate® software, 
sampling rate: 96 kHz 
LaVision DaVis® software, 
sampling rate: 30 kHz 
Camera FASTCAM SA-Z, resolution 
640×288 pixels, sampling rate: 
96,000 fps 
FASTCAM SA-1.1, resolution 





4.3 Results  
4.3.1 Sample force-deflection curves and performance parameter definition  
Figure 4-4 shows sample force-displacement curves for the 2 mm thick specimens 
(configurations 4-9 in Table 4-1). Dispersed stacking sequence results are on the left, and 
blocked stacking sequence results are on the right. Pin diameter increases from top to bottom. 
Both the quantitatively relevant load cell signal and the qualitative local, strain-based force 
signal are presented.  
As it is typical for dynamic loading, the load cell signal contains oscillations due to system 
ringing, particularly for the largest diameter pin, as shown in Figure 4-4(e) and (f). In contrast, 
the strain gauge signal provides more detail on the pin loading, as this local measurement is 
less affected by system oscillations. Four main phases which are exemplarily shown in Figure 
4-4(a) can be identified in the strain-based force signal: 
Phase 1: Increasing load up to a maximum value, 𝐹𝑚𝑎𝑥 at the initial, “primary” peak.  
Phase 2: Sharp load drop indicating “ultimate bearing failure” followed by a relatively 
constant load until about 4 - 6 mm.  
Phase 3: Two or three “secondary” force peaks between about 4 - 14 mm (to be discussed 
later in section 3.4), followed by the establishment of a stable crushing load which stays 
fairly constant until about 40 mm.  
Phase 4: Final failure as the pin pulls through the end of the laminate. 
The mean crushing force 𝐹𝑚𝑒𝑎𝑛 is defined here as the average force between 5 mm and 40 mm 
displacement, to coincide with that used in (Hassan, Feser et al. 2020). To allow comparisons 
on a material level, the following performance parameters are defined based solely on the 
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where D is the pin diameter and t is the laminate thickness. The mean crushing stress (MCS) 







The mass-specific energy absorption (SEA) is defined as the integral of the force–deflection 
curve divided by the mass of destroyed material. In the pin-bearing tests reported in (Heimbs 
and Bergmann 2014), the destroyed material volume is estimated to be 20% (brittle fibres) to 
50% (ductile fibres) larger than the slot volume defined by the pin diameter D, the laminate 
thickness t and the maximum pin displacement 𝑠𝑚. To allow comparison with (Heimbs and 
Bergmann 2014), a factor of 1.2 is used here, i.e.:  
𝑆𝐸𝐴 =  
1
𝑚𝑎𝑏𝑠𝑜𝑟𝑏𝑒𝑑
∫ 𝐹 ∙ 𝑑𝑠 =  
1
1.2𝜌𝑡𝐷𝑠𝑚








where 𝜌 is the material density and 𝑠𝑚 is the considered maximum pin displacement of 40 mm.  
To compare the results with other studies, the SEA values can be scaled by changing the factor 
of 1.2 in equation (4.3). 
4.3.2 Performance parameter results  
Figure 4-5 summarises all the test findings on the variation of UBS, MCS and SEA with pin 
diameter, laminate thickness and stacking sequence. The results of all four repeat tests, two 
performed at DLR and two at ULIM, are included. Quasi-static (10 mm/min or 1.67×10-3 m/s) 
test results, described in detail in (Hassan, Feser et al. 2020), are also shown for comparison. 
Results for dispersed laminates are presented on the left in Figure 4-5(a), (c) and (e) while those 
for blocked laminates are shown on the right in Figure 4-5(b), (d) and (f). Results for the 1 mm 
thick specimens are included in both the dispersed and blocked graphs, as the 1 mm laminate 
can be considered as the root stacking sequence for the dispersed and blocked laminates.   
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Figure 4-4: Force-displacement response of 2 mm thick specimens with dispersed (a), (c), (e) 
and blocked (b), (d), (f) stacking sequence, and variable pin diameter. Unfiltered load cell and 
strain-based force signals are shown.  
The dynamic UBS values in Figure 4-5(a) and (b) range between 437 MPa and 900 MPa, and 
high standard deviations are visible for some configurations. These standard deviations are the 
result of combining data obtained from the two test setups at DLR and ULIM. MCS, Figure 
4-5(c) and (d), varies between 122 MPa and 284 MPa. SEA, Figure 4-5(e) and (f), varies 
between 67 kJ/kg and 147 kJ/kg. The standard deviations for MCS and SEA are moderate, 
showing that the two test setups at DLR and ULIM only have minor influence on these results 












range as determined in pin bearing tests for a number of fabric, woven and unidirectional 




Figure 4-5: Summary of performance parameter results, (a) UBS dispersed stacking sequence, 
(b) UBS blocked stacking sequence, (c) MCS dispersed stacking sequence, (d) MCS blocked 
stacking sequence, (e) SEA dispersed stacking sequence, (f) SEA blocked stacking sequence. 
Dynamic (3 m/s) results shaded red, quasi-static (1.67×10-3 m/s) results shaded grey. 
The following observations can be made for the effect of pin diameter under dynamic loading:     
(i)  UBS generally decreases with increasing pin diameter. D12_T1 and DS_D8_T2 are 
outliers since the UBS of D12_1 is greater than that of D8_T1 and the UBS of DS_D8_T2 
is greater than that of DS_D4_T2. 




(iii) SEA decreases with increasing pin diameter. The effect is slightly stronger for blocked 
laminates. 
Summarising the effect of pin diameter under dynamic loading, gives the first main result: 
Main result 1: With increasing pin diameter, UBS, MCS and SEA generally reduce for all 
three thicknesses and both stacking sequences.  
Next, the effect of laminate thickness under dynamic loading is examined: 
(iv) UBS increases for increasing laminate thickness. The effect is more pronounced for 
dispersed laminates, and the increase is larger for a thickness change from 1 to 2 mm, than 
for a change from 2 to 3 mm.   
(v) MCS increases with increasing laminate thickness, with the effect being more 
pronounced for a thickness change from 1 to 2 mm, than for a change from 2 to 3 mm. 
DS_D12_T3 is a slight outlier in that its MCS is less than DS_D12_T2, but the decrease is 
not statistically significant.  
(vi) SEA increases with increasing laminate thickness, with again, the effect being most 
pronounced for a thickness increase from 1 mm to 2 mm.  
Summarising the effects of laminate thickness in dynamic loading: 
Main result 2: UBS, MCS and SEA increase with increasing laminate thickness. 
Concerning the effect of stacking sequence under dynamic loading (1 mm laminates are 
ignored here): 
(vii) UBS is higher for dispersed stacking sequences than for blocked stacking sequences.  
(viii) For 2 mm thick specimens, MCS is higher for dispersed laminates, while for 3 mm 
specimens, MCS is higher for blocked laminates (apart from DS_D12_T3 and BK_D12_T3 
which have about the same MCS).  
(ix) The trends for SEA are essentially the same as for MCS.   
Summarising the effect of stacking sequence under dynamic loading: 
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Main result 3: Laminates with dispersed stacking sequences have significantly higher UBS 
than those with blocked stacking sequences. The variations in MCS and SEA with stacking 
sequence are less consistent, and relatively small. 
Finally, the effect of dynamic loading is described: 
(x) UBS is significantly higher under dynamic loading than quasi-static loading. The trends 
seen under quasi-static loading remain unchanged under dynamic loading, i.e. UBS 
decreases as the pin diameter increases, increases as laminate thickness increases and is 
higher for dispersed stacking sequences.  
(xi) MCS is lower under dynamic loading than quasi-static loading. At both loading rates, 
MCS decreases as pin diameter increases and increases as thickness increases. At quasi-
static loading rates, MCS is highest for blocked laminates with 4 mm pins, and highest for 
dispersed laminates with 8 mm and 12 mm pins. Under dynamic loading the trends are less 
clear. 
(xii) SEA is lower under dynamic loading than quasi-static loading (with the exception of 
D12_T1 for which no difference is evident). At both loading rates, SEA decreases as pin 
diameter increases, and increases with increasing thickness. Regarding stacking sequence, 
the comments in (xi) above for MCS also apply to SEA.  
Summarising the effect of dynamic loading: 
Main result 4: Increasing the loading rate from 1.67×10-3 m/s to 3 m/s results in an increase 
in UBS, and a decrease in MCS and SEA for all pin diameters, laminate thicknesses and 
stacking sequences.  
Main result 5: The effects of pin diameter, laminate thickness and stacking sequence on 
the performance parameters do not change significantly with loading rate. For the given test 
conditions and range of investigated parameters, using quasi-static tests for parameter 
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studies on tension-absorbing joints appears to be a valid approach if dynamic test equipment 
is not available. 
4.3.3 Performance parameters versus D/t ratio 
Under quasi-static loading, (Hassan, Feser et al. 2020), the performance parameters showed a 
strong correlation with the ratio of pin diameter to laminate thickness, D/t. Figure 4-6 plots 
UBS, MCS and SEA versus D/t for dynamic loading, with quasi-static results from (Hassan, 
Feser et al. 2020) included for comparison. Again, the results of all four repeat tests of each 
configuration are considered but the error bars are omitted for clarity. The data for UBS, Figure 
4-6(a), are separated into two well-defined groups for quasi-static and dynamic loading. Under 
dynamic loading, the dispersed stacking sequence data can be fitted with a power law with an 
R2 value of 0.68. For blocked laminates, the R2 value is 0.84. The difference in UBS for the 
two stacking sequences is much larger at low D/t than at high D/t, for both loading rates. 
Likewise the differences due to loading rate are most pronounced at low D/t. 
MCS, Figure 4-6(b), shows a strong correlation with D/t, for dispersed and blocked stacking 
sequences, at dynamic loading rates. In fact the correlation is just as strong as for quasi-static 
loading. For dispersed laminates, a power law can be fitted to the dynamic data with an R2 
value of 0.93, while for blocked laminates, an R2 value of 0.96 is obtained. When the dynamic 
data for both stacking sequences are combined, a single power law with an R2 value of 0.93 
can be fitted, reflecting the relatively small effect of stacking sequence on MCS seen above. 
SEA shows similar trends, Figure 4-6(c). For dispersed stacking sequences, SEA versus D/t 
can be fitted by a power law with an R2 value of 0.93 and for blocked laminates an R2 of 0.92 
is obtained. When both stacking sequences are grouped together, a fit can be made with an R2 
value of 0.91. As for UBS, the effect of loading rate on MCS and SEA is most pronounced at 
low D/t. 
Summarising these observations, the following conclusion can be made: 
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Main result 6: The performance parameters show similar correlations with D/t under quasi-
static and dynamic loading. For dynamic UBS, MCS and SEA, the effect of loading rate is 
strongest at low D/t. MCS and SEA, which are most relevant for energy absorption, show a 




Figure 4-6: Performance parameters versus the D/t ratio. (a) UBS (b) MCS (c) SEA.  
4.3.4 Strain gauge results and 2D DIC 
As noted in section 4.3.1, Figure 4-4, following the initial, primary force peak, two or three 
secondary force peaks are visible in the strain gauge data between 4 and 14 mm pin 
displacement. No secondary peaks were reported for the quasi-static tests in (Hassan, Feser et 
al. 2020). To investigate this, 2D DIC was used to measure full-field surface strains. In the DIC 
software GOM Correlate®, facets with size 16 x 16 pixel2 and 2 pixel distance of the facet 
centres were used to resolve the surface speckle pattern resulting in a spatial resolution of 0.1 
mm per pixel.  
92 
 
Figure 4-7 shows the DIC analysis of the 2 mm thick laminates. Dispersed laminates are shown 
on the left and blocked laminates on the right. The analysis is performed at a pin displacement 
of 0.75 mm, which is about 0.3 mm after the primary load peak. The strain field measurement 
is used here for qualitative evaluation of the spread of damage in front of the pin. The dashed 
lines indicate splits on the surface which formed after the primary force peak. Additionally, the 
force-deflection curve based on strain gauge data is shown. Distances between the 
displacement corresponding to the DIC images (0.75 mm) and the displacement of the first 
secondary peak are shown. The distances range from 3.7 mm to 5.2 mm. These distances are 
also shown on the DIC images. It can be seen in Figure 4-7 that the highest compressive strains 
and splits are within this distance. Furthermore, referring back to Figure 4-4, it can also be seen 
that the mean load level between the primary and first secondary force peak is lower than the 
steady-state load of the progressive bearing process (i.e. between about 15 and 45 mm pin 
displacement), especially for 12 mm pin diameter in Figure 4-4(e) and (f). We conclude that 
the displacement at which the first secondary peak occurs indicates the initial damage spread 
at bearing failure initiation (i.e. the primary force peak). Following bearing failure, the pin 
travels through a damaged region resulting in reduced resistance. This damage state remains 
nearly constant until the pin reaches the end of the damaged region, indicated by the first 
secondary force peak. Afterwards, the process repeats and finally results in steady-state, 
progressive bearing, characterised by constant damage growth and constant load level. 
4.4 Post-test appearance and 3D CT analysis  
Figure 4-8 shows the post-test appearance of one sample of each configuration. It can be seen 
that damage in the unsupported surface plies partly extends to the specimen edge with large 
strips of the outer 45° plies peeled off, particularly for blocked laminates. A closer look reveals 
that the peeled off blocks contain two 45° plies for 2 mm thick laminates, and three 45° plies 
for 3 mm thick laminates, whereas for dispersed laminates, only one surface ply is peeled off. 
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The energy absorbed by peeling is low and a large number of peeled off surface plies is 
detrimental to energy absorption. However, stacking sequence showed just a small influence 
on SEA in Figure 4-5(e) and (f), indicating that the number of surface plies involved in peeling 
has minimal influence on energy absorption. Compared to the post-test appearance of the quasi-
static tests presented in (Hassan, Feser et al. 2020), peeling is more prominent for quasi-static 





Figure 4-7: Force-displacement plots up to 10 mm pin displacement and 2D DIC strain field 
analysis at a pin displacement of 0.75 mm, (a) DS_D4_T2; (b) BK_D4_T2; (c) DS_D8_T2; 











Figure 4-7: (continued): Force-displacement plots up to 10 mm pin displacement and 2D DIC 
strain field analysis at a pin displacement of 0.75 mm. (a) DS_D4_T2; (b) BK_D4_T2; (c) 




Figure 4-8: Post-test appearance of one sample of each configuration. 
 
To examine the internal damage state, post-test three-dimensional computed tomography (3D 
CT) scans were conducted using a high resolution µCT-System v|tome|x L240/450 by 
phoenix|x-ray. Figure 4-9 shows the 20×20 mm2 field scanned with a voxel resolution of 12 
µm. The µCT data were analysed with the commercial software package VGStudioMax 3.2 
(Volume Graphics, Heidelberg). The scans were performed on the configuration with 2 mm 
laminate thickness, and 4 mm and 8 mm diameter pins. The 12 mm diameter pins were omitted 
in the CT-analysis since the full extent of the lateral damage could not be captured within the 
20×20 mm2 field scanned using the favoured voxel resolution of 12 µm.   
Also shown in Figure 4-9 is the cross-section, 14 mm from the hole edge, chosen as the section 
view for the following figures. Steady-state, progressive crushing had been established by the 
time the pin reached this cross-section. As noted in the figure, the region of the laminate 




Figure 4-9: Field of view for post-test 3D CT-scans and position of section view shown in 
Figure 4-10. 
 
Figure 4-10 shows the aforementioned section view for DS_D4_T2, DS_D8_T2, BK_D4_T2 
and BK_D8_T2. Plies are colour-coded and blue lines indicate 90° changes in fibre orientation. 
MCS and SEA values are indicated, and the dashed box represents the pin. For dispersed 
laminates, Figure 4-10(a), (b), three to six delaminations are clearly visible, which spread far 
into the laminate on either side of the bearing notch. Most delaminations are between interfaces 
with a 90° change in orientation. As indicated in Figure 4-10, the maximum delamination width 
(distance between furthest extent of delamination on left and right of the bearing notch) was 
found to be about 2.5D for the 4 mm pin and 1.9D for the 8 mm pin, where D is the pin diameter. 
These values were approximately constant over the length of the scanned region. However, the 
width of the main fibre/matrix fragmentation damage is less. For the 4 mm diameter pin, the 
width of fragmentation damage ranges from about 1.0D in the central plies up to 2.0D in the 
unsupported surface 45° plies. For the 8 mm pin, the width of fragmentation damage is about 
1.0D in the centre plies and 1.8D in the peeled-off surface 45° plies.  
For blocked laminates, Figure 4-10 (c), (d), distinctive delaminations are visible mainly at the 
four ply interfaces involving a 90° change in fibre orientation. Larger debris wedges are visible, 
compared to the dispersed laminates, which force the delamination damage further into the 
laminate. The delamination width reaches about 3.6D and 2.1D for the 4 mm and 8 mm pins, 
respectively. Peeling of the surface plies is more obvious for the blocked laminates with large 
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pieces of the two outer 45° plies missing. Blocks with similarly oriented plies are clearly 
identifiable. The width of fragmentation damage is highest in the -45° plies, reaching about 
2.8D and 1.9D for the 4 mm and 8 mm pins, respectively. Again, the width of both delamination 
and fragmentation damage was found to be about constant over the length of the scanned region.  
Two specimens tested under quasi-static loading were also scanned for comparison. Figure 
4-11 shows configurations with 2 mm laminate thickness and 4 mm pin diameter. Comparing 
the damage state for both loading rates, Figure 4-10(a), (c) versus Figure 4-11(a), (b), we first 
discuss the damage outside (i.e. to the left and right of) the bearing notch. For the dispersed 
laminate in Figure 4-11(a), six delaminations are visible and the delamination width is about 
3.0D. In comparison, the dynamically tested specimen, Figure 4-10(a), had the same number 
of delaminations but the delamination width was less (2.5D). The same trend can be identified 
for the blocked laminate, Figure 4-10(b) versus Figure 4-11(b). Again, the number of 
delaminations is the same (four), but the delamination width is higher for quasi-static loading 
(4.3D) than for dynamic loading (3.6D).   
Turning to the damage within the bearing notch, significant differences are seen for the two 
loading rates. For both stacking sequences, under quasi-static loading, debris is visible within 
the bearing notch (i.e. within the dashed lines representing the pin), Figure 4-11(a) and (b). 
Some of the debris is clearly still connected to the laminate on either side of the bearing notch. 
In particular, in the ±45° plies, fibres have bent and broken but the broken portions of the ply 
have not always fully detached. As this is only a two-dimensional slice, debris which looks 
disconnected from the surrounding material in the images may actually be connected at another 
cross-section (and probably is, or it would most likely have fallen out during handling of the 
specimen for CT analysis). The debris is more evident for the dispersed laminate, Figure 
4-11(a), due to the even distribution of the ±45° plies in the laminate. In contrast, the specimens 
tested under dynamic loading, Figure 4-10(a) and (c), show much less debris within the bearing 
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notch, indicating the pin has made a clean cut through the laminate, including the ±45° plies, 





Figure 4-10: Post-test CT-scan section views at a position 14 mm in front of the initial pin 
position (see Figure 4-9). View is in pin loading direction. (a) DS_D4_T2; (b) BK_D4_T2; 






Figure 4-11: Post-test CT-scan images of quasi-static tests taken at a position 14 mm (see 
Figure 4-9). Viewing is in pin loading direction. (a) DS_D4_T2; (b) BK_D4_T2. 
4.5 Discussion 
As noted in section 4.3.2, (main result 5), the effects of pin diameter, laminate thickness and 
stacking sequence (main results 1-3) on the performance parameters do not change 
significantly as the loading rate increases from quasi-static (1.67×10-4 m/s) to dynamic (3 m/s). 
The causes of those effects were explained in [19], via CT scans of quasi-static tests, interrupted 
at 0.75 mm (just past the peak load). It was not possible to perform interrupted dynamic tests 
but, as the trends have been found here to be the same, we assume that the main causes for the 
trends are similar to those for quasi-static loading. Hence, for explanations of main results 1-3, 
we refer the reader to [19], and focus here on the differences between quasi-static and dynamic 
loading, and the significance of the new information obtained for dynamic loading.  
Main result 4 states that increasing the loading rate from 1.67×10-4 m/s to 3 m/s results in an 
increase in UBS and a decrease in MCS and SEA for all pin diameters, laminate thicknesses 
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and stacking sequences. The increase in UBS is between 23% for D8_T1 and 74% for 
BK_D8_T3. In (Portemont, Berthe et al. 2018), an increase of the peak bearing load of about 
20% was reported when the loading rate was increased from 8.3×10-5 m/s to 1 m/s. This is less 
than the upper range of increases seen here, but the highest loading rate here is 3 m/s compared 
to 1 m/s in (Portemont, Berthe et al. 2018), and the material and geometry in (Portemont, Berthe 
et al. 2018) were different also (Hexply M21/35%/268/T700GC, 4 mm thick laminates, 6.35 
mm pins).  
The increase in UBS from quasi-static to dynamic loading observed here can be explained by 
the strain rate dependent material properties of the composite material system, IM7/8552. A 
change from quasi-static to dynamic loading has been reported to lead to an increase of 40% 
in fibre compressive strength (Koerber and Camanho 2011), and 63% in fibre fracture 
toughness (Kuhn, Catalanotti et al. 2017). In addition, an increase of 45% in matrix-dominated 
transverse compression strength, and increases of 42% in both in-plane shear strength and 
combined transverse compression/in-plane shear strength (Koerber, Xavier et al. 2010) have 
also been reported. Consequently, under dynamic loading, both the matrix and the fibres 
provide greater resistance to fibre kinking, which is the main failure event at bearing failure.         
Regarding MCS, the reduction from quasi-static to dynamic loading ranges from 10% for 
D12_T1 to 29% for BK_D4_T2. This is in line with results from the literature where reductions 
of 20-40% (Heimbs and Bergmann 2014, Bergmann 2016) and 60% (Portemont, Berthe et al. 
2018) have been reported. For SEA, the reduction from quasi-static to dynamic loading ranges 
from 0% for D12_T1 to 26% for BK_D4_T2. A reduction in SEA was also reported for pin 
bearing tests in (Heimbs and Bergmann 2014, Bergmann 2016) and is in line with data on other 
composite structures subjected to crushing in (Pein 2009, David, Johnson et al. 2013).  
In (Portemont, Berthe et al. 2018), infrared thermography was used to estimate the width of the 
damaged area in pin-bearing tests. It was found that the width decreased as the loading rate 
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increased, and it was concluded that this was why the MCS reduced at higher loading rates. 
Here, using a different method (3D CT), a similar result is found concerning the width of the 
damaged area. As presented in section 4.4, Figure 4-10 and Figure 4-11, the maximum 
delamination width is lower for dynamic loading than for quasi-static loading, for both stacking 
sequences. In other words, the damage extends deeper into the laminate on either side of the 
bearing notch, under quasi-static loading, increasing the overall energy absorbed by the 
material. Another factor likely to affect MCS and SEA is friction. In section 4.4, Figure 4-10 
and Figure 4-11, it was identified that under dynamic loading, the pin makes a relatively clean 
cut through all the plies, and debris is thus ejected from the bearing notch ahead of the pin. 
However, under quasi-static loading, large strands of material are evident within the bearing 
notch of the post-test specimens. This material, still having some bending stiffness due to its 
connection with the surrounding material, provides increased frictional resistance to the motion 
of the pin, under quasi-static loading. A similar effect has also been identified for crushing of 
composite structures under both quasi-static and dynamic loading in (David, Johnson et al. 
2013).  
As summarised in main result 6, the finding in (Hassan, Feser et al. 2020) that the performance 
parameters, UBS, MCS and SEA are strongly correlated with D/t ratio, for quasi-static loading, 
turns out to be also true for dynamic loading. In particular, for MCS and SEA, single power 
laws applicable to both stacking sequences, can be fitted to the data with R2 values of 0.93 and 
0.91 respectively. Hence, the graphs in Figure 4-6 can be used to derive design criteria for 
bolted connections with regard to optimum strength and optimal energy absorption depending 
on the D/t ratio. In addition, the influence of design parameters under different loading rates 
becomes obvious. 
As a final observation, recall that in the definition of SEA in Eq. (3), the width of destroyed 
material was defined to be 1.2D where D is the pin diameter, based on the definition in (Heimbs 
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and Bergmann 2014). In (Hassan, Feser et al. 2020) it was suggested that a width of 2D might 
be more appropriate based on CT-scans of quasi-statically tested specimens. Here, the CT-
scans of dynamically loaded specimens in section 4.4 illustrate the difficulty of determining a 
definitive value. The maximum delamination width is up to 3.6D but the contribution of 
delamination to the energy absorption is relatively low so taking this definition would result in 
too low SEA values. The width of 1.2D in (Heimbs and Bergmann 2014) was defined based 
on micrographs of fabric materials where distinct lateral delamination could not be identified. 
Considering fragmentation damage as the main energy absorbing mode, the width of destroyed 
material for the current dynamically loaded specimens, is between 1D and 1.75D (Figure 4-11) 
depending on the fibre orientation and position in the stacking sequence. Overall, this just 
illustrates the difficulty in defining a single damage width in quasi-isotropic laminates and 
hence in precisely determining SEA.  
4.6 Conclusions 
An extensive experimental study has been performed on extended bearing failure of pin-loaded 
composite joints under transient dynamic loading, with varying pin diameter, laminate 
thickness and stacking sequence. The results supplement a previously performed test campaign 
under quasi-static loading, reported in [19]. The main findings are: 
1.  The effects of pin diameter, laminate thickness and stacking sequence on the 
performance parameters do not change significantly with loading rate. For the given test 
conditions and range of investigated parameters, using quasi-static tests for parameter 
studies on tension-absorbing joints appears to be a valid approach if dynamic test equipment 
is not available. 
2.  Increasing the loading rate from 1.67×10-3 m/s to 3 m/s results in an increase of 23-
74% in UBS, and decreases of 10-29% and 0-26%, in MCS and SEA, respectively.  
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3.  The increase in UBS is attributed to the strain-rate dependent properties of IM7/8552. 
The decreases in MCS and SEA correlate with a decrease in width of damaged material and 
a decrease in debris in the bearing notch, under dynamic loading, both determined from 3D 
CT. The extra debris under quasi-static loading, still attached to the surrounding material, 
increases the frictional resistance to pin travel. 
4.  The performance parameters, UBS, MCS and SEA show strong correlations with D/t 
ratio under dynamic loading, a result previously shown in (Hassan, Feser et al. 2020) for 
quasi-static loading. In Figure 6, the influence of design parameters under different loading 
rates is compactly summarised, and the relationships shown can be used to derive design 
criteria for bolted connections with regard to optimum strength and/or energy absorption. 
5.  Small pin diameters and dispersed stacking sequences provide the highest energy 
absorption and also the highest bearing strength.  
6.  The reason why the load is lower just after the peak load, than it is later on, has been 
found, via DIC combined with strain-gauge force measurements, to be due to a sudden 
growth of damage at bearing failure to a distance about 5 mm in front of the pin. The load 
is low as the pin travels through this damaged region, but then rises up and produces a 
secondary peak (visible only in the strain gauge data) at the end of this region. The process 
repeats until a stable crush load is established.  
The extent to which these findings also apply to anisotropic layups will be examined in future 
work. The results for dynamic testing in this paper and quasi-static testing in [19] extend the 
validation basis for potential future work on the numerical simulation of progressive pin 
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ABSTRACT 
This paper presents the development and validation of a mesoscale composites damage model 
for predicting the energy absorption capability of “tension-absorber” joints. Tension-absorber 
joints are composite bolted joints specially designed to absorb energy in a crash via “extended 
bearing failure”, which involves the bolt forcing its way through the composite over a long 
distance. They have been proposed for use in future narrow-body composite fuselages. Here, 
extended bearing failure tests on a carbon fibre/epoxy laminate, are simulated using explicit 
three-dimensional finite element analysis. A physically based damage model is implemented 
in a user-defined subroutine. The model uses in-situ ply strengths, stress-based fibre failure 
criteria, Puck’s criteria for matrix damage, a nonlinear law for in-plane shear, a cohesive zone 
model for delamination, a crack band model to mitigate mesh sensitivity, and frictional contact 
between the pin and the laminate, and between adjacent plies once they delaminate. The model 
is found to accurately predict the global response, in terms of bearing strength, mean crush 
stress and energy absorption, and comparison with CT scans shows that it also captures the 
mesoscale damage very well. The model is used to predict the effects of pin diameter, laminate 
thickness and stacking sequence, and the results show excellent agreement with experimental 
findings.  
Keywords: Bolted joints, damage modelling, crashworthiness, numerical validation 
 
 
                                                 




Modern wide-body aircraft, like the Boeing 787 and Airbus A350, feature a fuselage made 
from carbon fibre reinforced polymer (CFRP) composites (Heimbs and Bergmann 2012). For 
such aircraft, the Federal Aviation Authority (FAA) raised a “Special Condition (SC)” (FAA 
2007, FAA 2014) to demonstrate an equivalent level of crash survivability to already certified 
comparable metallic aircraft. During the A350 design process, Airbus used numerical analysis 
as a “Means of Compliance”. Accurate global-scale failure models were developed after 
extensive experimental material and joints characterisation (Hachenberg, Lavigne et al. 2016), 
demonstrating the importance of numerical models in the design and development of energy 
absorbing structures. Now, with increasing access to high performance computing, industry is 
looking for high-fidelity models which can go even further and deliver virtual testing (Llorca, 
Gonzalez et al. 2011), with an associated reduction in experimental testing. To be truly 
predictive under generic loading conditions, models must not only capture global behaviour 
such as force-displacement response but must also match the mesoscale damage evolution.  
One of the most challenging problems one can set a composites damage model is bearing 
failure of composite joints, involving as it does, all the main composites failure modes. 
Recently Zhuang et al. (Zhuang, Chen et al. 2019) presented one of the first three-dimensional 
(3D) models to follow the bearing response of pin-loaded composites up to and beyond peak 
load (up to 0.25 mm beyond) and demonstrated excellent agreement with experiments for both 
the global and mesoscale response. In the current paper, a 3D model is developed and applied 
to “extended bearing failure”. In this case, the aim is to follow the bearing response, far beyond 
peak load, with pin displacements up to 30 mm.  
Mechanical joints are key components in fuselage structures and their behaviour has been 
studied extensively (Camanho and Matthews 1997, Xiao and Ishikawa 2005, Camanho and 
Lambert 2006, Thoppul, Finegan et al. 2009, McCarthy, McCarthy et al. 2011, Ataş and Soutis 
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2013, Egan, McCarthy et al. 2017, McCarthy and McCarthy 2020). Recently, (Waimer, Feser 
et al. 2018), DLR and Airbus investigated the potential use of joints as energy-absorbing 
devices in future narrow-body composite aircraft fuselages, to assist with meeting regulatory 
crashworthiness requirements. Due to the reduced available space compared to wide-body 
aircraft, not all the energy in a “foreseeable survivable impact event”, such as a 30 ft/s (9.14 
m/s) vertical drop onto a hard surface, can be absorbed by sub-floor crush beams, so additional 
mechanisms are needed. The DLR/Airbus “tension-absorber” concept, illustrated in Figure 
5-1(a), involves the modification of joints in areas such as the cargo and passenger crossbeams, 
which are loaded in tension as the fuselage deforms during impact. The modified joints would 
behave like normal joints under in-service loads, but in a crash would absorb considerable 
energy. The key design requirement is to prevent bolt pull-through or fracture, so that 
“extended bearing failure” occurs, resulting in the absorption of energy through crushing of the 
material in front of the bolt.  
 
Figure 5-1: (a) Tension-absorbing joint concept for narrow-body composite fuselage showing 
potential application areas in cargo and cabin floors (Waimer, Schatrow et al. 2016, Waimer, 
Feser et al. 2018), (b) pin joint “extended bearing failure” tests for parameter investigation: rig 

























































 To examine the effects of individual material and geometric parameters, Airbus and DLR have 
studied a simplified version of the problem, namely a pin being pulled through a composite 
plate (Bergmann, Heimbs et al. 2014, Heimbs and Bergmann 2014, Bergmann 2016, Feser and 
Waimer 2016). Recently (Hassan, Feser et al. 2020), the current authors used this configuration 
to study the effects of pin diameter, laminate thickness and stacking sequence on bearing 
strength and energy absorption at quasi-static loading rates. The test rig used, and global 
response obtained, are illustrated in Figure 5-1(b). From a modelling standpoint, this recent 
study, (Hassan, Feser et al. 2020), has the advantage that it employed IM7/8552 carbon 
fibre/epoxy, a material used in the third world-wide composites failure exercise (Kaddour, 
Hinton et al. 2013), which has been extensively characterised in the literature (Koerber, Xavier 
et al. 2010, Koerber and Camanho 2011, Cui, Thomson et al. 2016, Kuhn, Catalanotti et al. 
2017). Computed Tomography (CT) scans of interrupted tests were also performed, providing 
a detailed mapping of the internal damage and failure. Thus the results in (Hassan, Feser et al. 
2020) provide a useful dataset for testing numerical models on a very challenging problem.  
There have been many finite element (FE) studies of composite bolted joints (Ireman 1998, 
Camanho and Matthews 1999, McCarthy, McCarthy et al. 2005, McCarthy, McCarthy et al. 
2005, Xiao and Ishikawa 2005, Hühne, Zerbst et al. 2010, Pearce, Johnson et al. 2010, Chishti, 
Wang et al. 2012, Irisarri, Laurin et al. 2012, Frizzell, McCarthy et al. 2014, Pearce, Johnson 
et al. 2014, Egan, McCarthy et al. 2015, Zhou, Nezhad et al. 2015, Sola, Castanié et al. 2016, 
Le Goff, Bois et al. 2017, Yazdani Nezhad, Egan et al. 2017, Iarve, Hoos et al. 2018), with 
widely varying methods, in terms of model dimension (2D or 3D), element type (plane stress, 
shell, solid), FE solver (implicit or explicit), intra and interlaminar material failure criteria, 
damage propagation methods, and treatment of mesh dependency issues, contact, friction, and 
geometric nonlinearity. The majority focus on global joint behaviour up to the point of bearing 
failure, with relatively few providing detailed comparisons of the mesoscale damage evolution 
with experiments. Apart from (Zhuang, Chen et al. 2019), the authors are not aware of any 
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existing studies which have attempted to continue the analysis of bearing failure beyond the 
peak load.  
In the current work an advanced 3D FE approach is developed for modelling the extended 
bearing failure mode illustrated in Figure 5-1(b). The aim is to predict the ultimate bearing 
strength (UBS), the mean crushing stress (MCS) after bearing failure, and the mass-specific 
energy absorption (SEA). The model needs to follow the joint response far beyond the peak 
load and be capable of predicting the change in response when material and geometric 
parameters are varied. In order to do so, it must represent the physical internal damage 
processes as faithfully as possible. It also has to remain numerically stable, at extreme levels 
of material damage, while adjusting contact conditions between the pin and the laminate, and 
within the laminate itself, as the simulation progresses. In line with several recent studies on 
composite joint modelling, (Pearce, Johnson et al. 2010, Pearce, Johnson et al. 2014, Zhuang, 
Chen et al. 2019), these stability requirements lead to the use of an explicit solver to avoid the 
convergence issues that plague implicit methods (McCarthy, McCarthy et al. 2005), even 
though the loading rate is quasi-static.  
The approach taken is to extend the physically-based damage model of Egan et al. (Egan, 
McCarthy et al. 2014, Egan, McCarthy et al. 2015, Egan, McCarthy et al. 2017), which 
addressed bearing failure in normal (not tension-absorbing) countersunk bolted joints. That 
model included Puck’s criteria for matrix damage (Puck and Schurmann 1998), a nonlinear 
law for in-plane shear, a maximum stress criterion for fibre failure, a crack band model to 
mitigate mesh sensitivity (Bažant and Oh 1983), and frictional contact between the fastener 
and the laminate. In the present work, the model is extended through the use of in-situ ply 
strengths, stress-based fibre failure criteria that incorporate fibre kinking effects in an efficient 
manner (Raimondo, Iannucci et al. 2012), a cohesive zone model (CZM) for simulating 
delamination, frictional contact between adjacent plies after they delaminate, and an efficient 
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search algorithm for matrix damage identification. The model predictions are compared in 
detail to the test results in (Hassan, Feser et al. 2020), at both the global and mesoscopic levels, 
and the fidelity and capability of the model to forecast the effects of variations in joint 
parameters are assessed.  
5.2 Experimental set-up 
A brief description of the experimental set-up is provided here, with full details available in 
(Hassan, Feser et al. 2020). The material used was HexPly® IM7/8552 (EU version: 134 gsm) 
unidirectional, continuous-fibre carbon fibre/epoxy composite prepreg (nominal ply thickness 
= 0.125 mm). Specimens with the geometry shown in Figure 5-2 were extracted from panels 
manufactured in an autoclave using water jet cutting. As outlined in Table 3-1, fifteen 
configurations were tested. All layups were quasi-isotropic, but the stacking sequence varied, 
as did the pin diameter and laminate thickness. The 2 mm and 3 mm thick specimens are 
labelled “dispersed” or “blocked” depending on whether the stacking sequence is [45/ -45/ 90/ 
0]ns  with n = 2, 3, or [45m /-45m /90m /0m]s with m = 2, 3, respectively. The configuration code 
indicates the stacking sequence, pin diameter and laminate thickness (e.g. DS_D4_T2 or 
BK_D12_T3). DS/BK is omitted for the 1 mm thick specimens, since [45/ -45/ 90/ 0]s  could 
be considered the “root” stacking sequence of the dispersed test series (with n = 1), or the 
blocked test series (with m = 1). There are five different stacking sequences in total. Based on 
the results of (Hassan, Feser et al. 2020), the authors have performed a separate experimental 
study that discusses the effect of using non-quasi-isotropic layup laminates, having fibre 
orientations like 22.5°, 30°, 60° and 67.5°, on the strength and energy absorption of the tension-
absorber joints. The findings of this study are currently under review for a publication. 
Each test consisted of pulling a steel pin through the laminate at quasi-static loading speed 
(1.67x10-4 m/s), using the specialised rig illustrated in Figure 5-1(b). The reaction force was 
obtained by the load cell of the servo-hydraulic test machine and the pin displacement was 
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measured by a digital image correlation method. Four repeats of each configuration were tested, 
with further interrupted tests undertaken for CT analysis.  
 
Figure 5-2: Composite specimen dimensions. Thicknesses tested were 1 mm, 2 mm and 3 mm. 
Table 5-1: Test configurations. Variables are stacking sequence, pin diameter, and laminate 
thickness. DS_D4_T2 means dispersed stacking sequence, 4 mm pin and 2 mm thickness. BK 
stands for blocked stacking sequence.  






1 D4_T1 [45/ -45/ 90/ 0]s 4 1  4 
2 D8_T1 [45/ -45/ 90/ 0]s 8 1 8 
3 D12_T1 [45/ -45/ 90/ 0]s 12 1 12 
4 DS_D4_T2 [45/ -45/ 90/ 0]2s 4 2 2 
5 DS_D8_T2 [45/ -45/ 90/ 0]2s 8 2 4 
6 DS_D12_T2 [45/ -45/ 90/ 0]2s 12 2 6 
7 DS_D4_T3 [45/ -45/ 90/ 0]3s 4 3 1.33   
8 DS_D8_T3 [45/ -45/ 90/ 0]3s 8 3 2.66   
9 DS_D12_T3 [45/ -45/ 90/ 0]3s 12 3 4 
10 BK_D4_T2 [452 /-452 /902 /02]s 4 2 2 
11 BK_D8_T2 [452 /-452 /902 /02]s 8 2 4 
12 BK_D12_T2 [452 /-452 /902 /02]s 12 2 6 
13 BK_D4_T3 [453 /-453 /903 /03]s 4 3 1.33  
14 BK_D8_T3 [453 /-453 /903 /03]s 8 3 2.66  




A typical response, illustrated in Figure 5-1(b), exhibited a peak force at bearing failure, 
followed by a load drop for 5-10 mm, and a transition to a relatively constant crushing force 
which persisted until the pin exited the end of the laminate. To allow comparisons on a material 
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level, the following performance parameters are defined. The ultimate bearing strength (UBS), 
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where Fmean is calculated between 5 mm and 30 mm pin displacement. Finally the mass-
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Where 𝑚𝑎𝑏𝑠𝑜𝑟𝑏𝑒𝑑  is the mass of the material involved in energy absorption, ρ is material 
density and sm is taken here as 30 mm. In (Hassan, Feser et al. 2020), sm was taken to be 40 
mm, but the shorter distance is used here for comparison with the models, due to considerations 
of computation time. The difference between the SEA calculated over 30 mm or 40 mm is very 
small and running the simulations beyond 30 mm provides little additional value. The factor of 
1.2 in equation (3.3) is based on an estimation in (Heimbs and Bergmann 2014) that, for 
materials with brittle fibres, the width of destroyed material is 20% larger than the pin diameter.  
5.3 Composite damage model 
5.3.1 3D elastic behaviour and nonlinear shear law 
A unidirectional (UD) ply damage model has been implemented in an Abaqus/Explicit 
VUMAT subroutine. Integration point stresses  t ti   are updated based on total strains 
 t ti   at the current time increment, using equation (5.4), where indices 1, 2, and 3 refer to 
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  (5.5) 
And 11 22,  E E , 33E  are the longitudinal, transverse and thickness direction Young Modulus, 
respectively.
 12 13 21 23 31 32
, , , , ,      are the Poisson’s ratios. 12 23 31, ,G G G  are three shear 
modulus. 







is monitored and, as in (Pinho, Iannucci et al. 2006, Donadon, Iannucci et al. 2008), 
decomposed into elastic (
e ), elastic-damage (
ed ) and inelastic (
in ) parts:  
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  (5.7) 
The damage variable 12d  controls the reduction of the original shear modulus (
0
12G ) due to 
progressive matrix damage occurring under shear loading, Figure 5-3. Following the method 
of Donadon et al. (Donadon, Iannucci et al. 2008), it varies with 12 according to equation (5.8), 
where a is the slope of 
0
12 12G G  versus 12  (the “gradual stiffness reduction curve”), which is 
determined experimentally. 
 12 12d a    (5.8) 
Inelastic strain is determined as 12 12 12 12
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  (5.9) 
The parameter 
12
f  defines the shape of the nonlinear response. The IM7/8552 carbon 
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fibre/epoxy used here shows a response similar to that shown in Figure 5-3, and the curve is 
fitted using two cubic polynomials, one applicable up to a shear strain of 1,maxP (see Figure 5-3), 
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  (5.10) 
where ic  and id  (i = 1, 2, 3) are the coefficients of the fitted curve and 4d  is the shear stress at 
1,maxP . A feature of the model, previously developed by Egan et al. (Egan, McCarthy et al. 
2014), is a purely symmetric shear stress–strain law on load reversal. This aspect is discussed 
in detail in (Egan, McCarthy et al. 2014). 
 





f . 12  is maximum shear strain over time, 
e , 
ed  and 
in  are elastic, elastic-damage and 
inelastic parts, respectively. 
5.3.2 Fibre failure 
In line with previous researchers (Eliopoulos, Kostopoulos et al. 2016, Li, Gao et al. 2016, 
Jiang, Ren et al. 2017, Zhou, Sun et al. 2017, Zhao, Li et al. 2018, Reiner, Feser et al. 2019), 
for tensile fibre failure, a simple maximum stress criterion is used: 
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where tX  is the tensile fibre-direction strength. For compressive fibre failure, some researchers 
use a fibre-kinking model (Davila, Camanho et al. 2005, Pinho, Iannucci et al. 2006, Maimí, 
Camanho et al. 2007, Zhuang, Chen et al. 2019), on the basis that longitudinal compressive 
failure is caused by the formation of fibre kink bands following degradation of the supporting 
matrix. The model of Pinho et.al (Pinho, Iannucci et al. 2006) for example, successfully 
predicted the increase in compressive strength due to hydrostatic pressure shown 
experimentally in (Parry and Wronski 1982). Fibre-kinking models are however, 
computationally expensive, and Egan et al. (Egan, McCarthy et al. 2014) justified using a 





   ) on the basis that 
cX  measured in 
a standard compression test would be lower than the in-situ compressive strength in the 
torqued-up countersunk joints in (Egan, McCarthy et al. 2014), so predictions would be 
conservative. Unfortunately in the current pin-loaded specimens, no torque exists, so this 
argument cannot be made. However, Raimondo et.al (Raimondo, Iannucci et al. 2012) derived 
a fibre compression failure criterion from polynomial fitting of experimental failure envelopes. 
They proposed that longitudinal and shear stresses contribute to shear fracture of fibres, 
followed by fibre rotation and in-plane matrix shearing at the crack tip, which in turn promotes 
kink band development (Costa, Gutkin et al. 2017). The failure criteria for quasi-static loading 
was given as: 
 1311 1211
12 13
For 0 :     1










         
   
   (5.12) 
where 12,  cX S and 13S  are the quasi-static compressive fibre, in-plane shear and out-of-plane 
shear strengths respectively. This fitted experimental data well for 1  . Given the high level 
of detail in the other parts of our model, and the computational expense of including an explicit 
fibre kinking model, the approach of using equation (5.12) was followed instead (  is selected 
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here to be 2.5). Although this is a compromise it is still an improvement over the criterion used 
in (Egan, McCarthy et al. 2014). 
5.3.3 Matrix failure 
To predict matrix failure, the stress tensor is rotated about the 1-direction by variable angle , 
0    , as shown in Figure 5-4(a), to test potential fracture planes. The tractions on these 
planes (dashed quantities) are used to evaluate the Puck-Schürmann failure criteria (Puck and 
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  (5.13) 
where TY  is the transverse tensile strength, 12S  is the longitudinal shear strength, and 23S  is the 
transverse shear strength. The transverse friction coefficient t  is defined using Mohr-







    (5.14) 
where 0  is the fracture surface orientation for pure transverse compressive failure which 
typically has a value of about 53  for unidirectional polymer matrix composites. The 






    (5.15) 
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The angle at which failure is detected,  , determines the orientation of the fracture surface. 
This search process can be computationally expensive, so to efficiently find the fracture surface 
a “Golden Search Algorithm”,  as outlined in (Wiegand, Petrinic et al. 2008), was implemented.  
    
Figure 5-4: (a) Tractions acting on potential matrix fracture plane obtained by rotating through 
angle   about the 1-direction, (b) illustration of crack band model implementing nonlinear 
softening law of eq. (5.17). 
5.3.4 Crack band model and definition of characteristic lengths  
To mitigate mesh sensitivity, a crack-band model (Bažant and Oh 1983) is used to evolve the 
damage variables ( ftd , mtd  and mcd ) from 0 at failure initiation, to 1 at complete degradation. 








   (5.16) 
where G is the fracture energy and o  is the stress at failure onset. Damage variable growth is 
described by (Pinho, Iannucci et al. 2006): 
  2 max 0,  ,  min 1,  1 1 2 3 ,      where 
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  (5.17) 
which causes nonlinear softening of stress components, as illustrated in Figure 5-4(b). Since 
damage is irreversible, the damage variables are only updated by increasing values.  
For predicting fibre damage, the failure onset stress o  corresponds to the fibre direction 
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complex, since several tractions can promote failure, and so an equivalent stress, om , and 
equivalent strain, om  must be defined: 
    
2 22






t t t t t t
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  (5.18) 
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  (5.19) 
where x = max(0, )x and stress and strain components are obtained from the stress tensor 
rotated by the fracture plane angle,  . As in (Pinho, Iannucci et al. 2006), the strain tensor 
prior to rotation contains elastic in-plane shear strain. This ensures that only elastic internal 
energy contributes to energy absorption associated with localised fracture. The strain measure 
used to grow the matrix damage variable ( t tm
 ) after the damage onset is given in equations 
(5.20) and (5.21), depending on whether failure is tensile or compressive.   
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  (5.21) 
To calculate the final failure strains for fibre and matrix damage modes, the following 
expressions are used based on the crack band model (Bažant and Oh 1983): 
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    (5.24) 
where ftG  and fcG  are the fracture energies associated with tensile and compressive fibre 
failure respectively, and fL , mL  are the associated characteristic lengths. The fracture energy for 
matrix failure ( mG ) for any mixed-mode failure scenario is computed as: 
 
2 2 2
2 '3 '2 '2 ' 12 '
m Ic IIc IIco o o
m m m
t tt t t t
G G G G
 
  
    
     
   
   
  (5.25) 
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where IcG and IIcG are the transverse fracture energies, and the stress components are the 
tractions at the onset of matrix failure.  
The characteristic element length is provided by ABAQUS to VUMAT routines as the variable 
“charLength”. However, this value is only appropriate for models with cubic elements in which 
fracture is perpendicular to an element side. In simulations of bearing failure, near-hole 
elements are inevitably of non-cubic shape and non-standard orientation, while the ply 
orientations and Mohr–Coulomb material behaviour promote cracks which are angled with 
respect to element sides. Hence instead of using ‘‘charLength’’ an approach developed by Egan 
et al. (Egan, McCarthy et al. 2014) is used. A python script pre-processes the mesh to compute 
element geometries from nodal coordinates. These are used to compute characteristic lengths, 
fL  and mL ,  which accurately account for crack orientation, element orientation and element 
shape. Full details are given in (Egan, McCarthy et al. 2014).  
5.3.5 Damage enforcement and element deletion 
In general, damage variables, d, are used to soften the effective stress, ef , to yield the 
applied/Cauchy stress, ap , i.e.  1ap ef d   . Here, for simulation of ply damage, the stress 
tensor must be softened. If matrix damage is detected, the elastic stress tensor is rotated by 




  , and then the tractions acting on this plane are 
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t t   is only softened in the 
case of tensile matrix damage since cracks will close upon load reversal. A rotation by   back 
to the ply coordinate system gives t t
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  (5.26) 
When fibre failure is detected, all stress tensor components are softened according to equation 
(5.27), on the assumption that fibre rupture damages the supporting matrix. The resulting 
Cauchy stress tensor, t t
i
  , is provided to Abaqus.  
   1 1t t t t t t t ti i ft fcd d         (5.27) 
Excessive element distortion can cause explicit simulations to abort, so element deletion 
criteria are defined in equations (5.28) and (5.29). After extensive trial simulations, 1 and 2
were set to be 0.8. 
     23 31 1_1 _1max ,  ;     0t t t terosion erosionf abs abs f       (5.28) 
  1 _22 2_2 ;     0t terosion erosionf abs f      (5.29) 
5.3.6 Interlaminar damage 
The uncoupled, mixed-mode cohesive zone model (CZM), already implemented in ABAQUS, 
is used to model interlaminar failure (Simulia 2016). The CZM follows a bi-linear traction-
separation law with linear softening for opening (mode I) and shearing (mode II and III) modes, 




Figure 5-5: Traction-separation law, defining the (a) normal and (b) mode II shearing behaviour 
of cohesive elements. Mode III shearing law is the same as for Mode II. 
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where I , II and III  are the normal, mode II shear and mode III shear tractions respectively, 
K is the stiffness matrix, and I , II and III  are the normal, mode II shear and mode III shear 
separations respectively. A suitable approximation of the stiffness of a thin cohesive layer is 
provided by the bulk elastic properties, i.e. nn IK E , ss tt IIK K E  , while the off-axis terms in 
K  can be ignored for elastic behaviour which is uncoupled between normal and shear 
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  (5.31) 
where the Macauley bracket   is used to ensure that a purely compressive stress state does not 




III  are the critical traction values. Once this criterion is satisfied, 
damage initiates and the stiffness decreases progressively. The Benzeggagh-Kenane (BK) law 
(Benzeggagh and Kenane 1996) is used to propagate the delamination: 
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where cIG , 
c
IIG  and 
c
IIIG  are the critical fracture energies in the normal and shear directions, while 
  is a cohesive property parameter.  
5.3.7 Input parameters for the VUMAT 
UD carbon fibre/epoxy IM7/8552 has been used by many researchers and has been fully 
characterised at various loading rates (Camanho, Maimi et al. 2007, Koerber, Camanho et al. 
2009, Koerber 2010, Koerber, Xavier et al. 2010, Koerber and Camanho 2011, Catalanotti, 
Arteiro et al. 2014, Cui, Thomson et al. 2016, Kuhn, Catalanotti et al. 2017). The elastic and 
damage properties at quasi-static loading rates are summarised in Table 5-2 to  
Table 5-7. In (Zhuang, Chen et al. 2019) it was proposed that in-situ ply strengths should be 
used in the simulation of pin-bearing problems, and comparisons with experiments validated 
this approach. As shown in Table 5-5, transverse and shear strengths were made dependent on 
the location and thickness of a ply e.g. thin outer ply (to), thin embedded ply (te) or thick ply 
(thick). 
Table 5-2: IM7/8552 elastic properties (Koerber and Camanho 2011) 














171.4 9.08 9.08 0.32 0.32 0.5 5.29 3.02  5.29 
* Calculated assuming transverse isotropy. 
 
Table 5-3: IM7/8552 shear stress-strain curve fitting parameters for equation (5.10) (Cui, 
Thomson et al. 2016) 
1c  2c  3c  1d  2d  3d  4d  
8.453×1011 -1.441×1011 6.178×109 -4.423×109 2.918×109 -1.909×108 8.642×107 
 



















Table 5-5: IM7/8552 in-situ shear and transverse tension strengths (Camanho, Dávila et al. 
2006, Camanho and Lambert 2006). Single plies are “thin”, blocked plies (two or more plies 
with same orientation) are “thick”. Strengths depend on whether the ply is a thin outer ply (to), 
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107 130.2 113.1 160.2 101.4 98.7 
 
Table 5-6: IM7/8552 damage properties (Camanho, Maimi et al. 2007, Catalanotti, Camanho 









l  t  
133.3 101.6 0.277 0.787 0.35 0.29 
 
Table 5-7: IM7/8552 interface properties for 0/0 interface (Schön, Nyman et al. 2000, Schön, 


















60 90 4.67×1014 1.67×1014 0.22 0.63 0.3 
 
5.4 Model details 
The pin-bearing tests were modelled in ABAQUS/Explicit. Meshing was performed as shown 
in Figure 5-6, using a python script for consistency among the various pin diameters and 
laminate thicknesses. Three-dimensional, reduced integration, 8-noded solid elements 
(C3D8R) were used. This particular element type was selected to alleviate over stiffness of 
linear elements with relatively high aspect ratios and it is computationally efficient. Stresses 
and strains at the complex structure boundaries are better predicted with full integration 
elements, but this element has one integration point and it is located at the middle of the element. 
Therefore, the element size should be kept small to capture stress concentrations at the 
boundaries of the structure. These elements are also prone to hourglassing due to the presence 
of 12 spurious zero-energy modes, so to ameliorate these effects  “pure stiffness” section 
control was applied (Simulia 2016). For interface elements, an 8-noded three-dimensional 
cohesive elements (COH3D8) were used, which had a thickness of six microns. This element 
type is typically used to capture delamination behaviour in the composite structures (Lu, Ridha 
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et al. 2019, Zhuang, Chen et al. 2019). In the constitutive calculations of interface elements, it 
is assumed that the cohesive layers are only subjected to direct through-thickness  33  and 
transverse shear 23 13( , )   strains. The other two direct strains 11 22( , )  and shear strains  12  
are assumed to be zero.  These assumptions are appropriate in situations where a relatively thin 
and compliant cohesive layer bonds two relatively rigid parts (Simulia 2016).  
Each ply was modelled with a single element through the thickness. To accurately predict 
bearing strength, a variable element size was used over the first 2.5 mm of crushing length 
(from 0.3125 mm × 0.2 mm to 0.3125 mm × 0.5 mm), see Figure 5-6. The rest of the crushing 
length had a constant element size (0.5 mm × 0.5 mm), as can be seen in Figure 5-6. The reason 
for selecting a finer mesh near the edges of the hole is that the reduced integration element size 
should be small near the boundaries to capture the stress concentration at the pin-hole contact 
effectively. Furthermore, in the material model, crack band model is implemented to take care 
of mesh sensitivity, as discussed in section 5.3.4. Elastic, isotropic material properties were 
used for the hardened steel pins (E = 210 GPa, ν = 0.25), while the laminate was modelled with 
elastic properties in the grip region, where no damage was expected, and via the VUMAT 
described in the previous sections, in regions predicted to damage, see Figure 5-7(a). Non-
linear geometrical effects were included due to the finite strains developed during crushing of 
the elements.  
Contact between the laminate and pin was defined using the “general contact” algorithm 
(Simulia 2016) with the choice of friction co-efficient discussed in section 5.5.1. Continuous 
laminate crushing results in deletion of elements, exposing new surfaces for contact with the 
pin. To ensure continuity of the simulation, the contact surface needs to be updated by 
creating interior surfaces. ABAQUS/CAE does not currently support the creation of interior 
surfaces, so the input files had to be modified manually. Firstly an element set was defined 
containing elements lying in the crushing zone, see Figure 5-6, then interior surfaces were 
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created using the *SURFACE command. Additional contact pairs were then defined in the 
ABAQUS input file using these surfaces.  
 
Figure 5-6: FE mesh of steel pin and composite plate showing variable element size in 
immediate vicinity of hole and element set used for creation of interior surfaces. 
The leftmost (as per Figure 5-7(b)) 45 mm of the laminate was given a fixed boundary condition 
(imitating the clamps of the fixed end of the test machine), while a velocity boundary condition 
was applied to the centreline of the pin (see Figure 5-7(b)). To aid in achieving an efficient 
quasi-static solution, and to provide an accurate and repeatable measure of the peak force and 
bearing strength, a sigmoid function was used to increase the velocity gradually from zero to 
the applied velocity. After this, the velocity was kept constant.  
        
Figure 5-7: (a) Isometric view of FE model assembly showing different material sections, (b) 
side view of FE model assembly showing applied boundary conditions, and 
composite/interface elements. 
2.5 mm














In terms of computational cost, the developed model can be quite expensive especially for 
quasi-static loading. The stable time increment can be increased by increasing the smallest 
element size, increasing the velocity, or by applying mass scaling (Smith 2012). The smallest 
element size is difficult to alter due to the use of cohesive elements and one element per ply in 
the thickness direction. It was decided not to use mass scaling based on past experience. To 
examine the feasibility of using an increased velocity, a series of simulations were performed 
and the kinetic to internal energy ratio was examined until the peak load, as this is important 
for quasi-static analysis with an explicit solver (Smith 2012). Three loading rates were trialled 
on a BK_D4_T2 configuration (see Table 3-1), 0.1 m/s, 0.5 m/s and 1 m/s. Note that no strain-
rate dependency was included in the material model in the VUMAT, so any change in 
behaviour is not due to material properties. The numerical reaction force was calculated from 
the fixed end of the laminate while the displacement was extracted from the centreline of the 
pin. Reaction force is plotted against pin displacement for the different loading rates in Figure 
5-8(a), and the ratio of kinetic to internal energy in each model is given in Figure 5-8(b). As a 
rule of thumb, the kinetic energy should not exceed 5-10% of the internal energy for a quasi-
static solution (Simulia 2016). In the 1 m/s model, the ratio of kinetic-to-internal energy 
exceeds 15% early in the analysis, indicating a quasi-static solution is not achieved. The load-
deflection response for the other loading rates converge reasonably well onto one response, 
Figure 5-8(a), and the energy ratio is well within bounds. Based on this trial study, 0.5 m/s was 
used in all the quasi-static analyses, as it gave good agreement with experimental data without 
showing an detrimental increase in kinetic-to-internal energy ratio, and it was also 
computationally efficient. Simulations were run on a single node of a high-performance 




              
Figure 5-8: Effect of loading velocity on (a) load-deflection and (b) ratio of kinetic energy to 
internal energy. 
5.5 Results and Discussion 
5.5.1 Model calibration 
In this section, the model is calibrated in three iterations. In iteration 1, the contact conditions 
and friction coefficients are chosen. In iteration 2, a deeper analysis of the fracture energies 
used for the cohesive elements between plies is undertaken. In iteration 3, a simplification is 
made in the interests of saving computational time.  
The experimental study, (Hassan, Feser et al. 2020), showed that delamination plays an 
important role in the joint response. Delamination is modelled here with the in-built ABAQUS 
bi-linear traction-separation law, as explained in Section 5.3.6. Now, as the bearing load 
increases, cohesive elements between the plies start to delete. Once that happens, if contact is 
not defined between the plies, they are free to pass through each other, which is non-physical. 
Thus, we defined contact between plies via interior contact between ply elements. Having done 
this, friction coefficients between the pin and the laminate, and between the plies themselves, 
have to be chosen. Iteration 1 addresses these issues, with configuration BK_D4_T2 used as a 
sample case.  
Figure 5-9(a)-(d) show the effect of these friction parameters on the global and mesoscopic 
response. The stacking sequence is colour-coded for ease of interpretation and dashed and 




















































The bearing stress is calculated by dividing the numerical reaction force by D t , as per equation 
(3.1). The following observations can be made: 
(i) Figure 5-9(a) shows that UBS increases with increasing friction coefficient between the 
pin and laminate, pin-laminate , for the case where no contact between the plies is defined. 
The lowest value, 0.05pin-laminate  , results in under-prediction of the UBS, while the 
highest value, 0.2pin-laminate  , leads to over-prediction of UBS. The MCS is under-
predicted for all the friction values. 
(ii) Figure 5-9(b) shows a longitudinal section of the model without interply contact defined. 
For visualisation purposes, only eight plies are shown. The damage contours of the 
cohesive layers are indicated, with the label “ interplyd ” used in place of ABAQUS’s more 
cryptic “SDEG”. Distortion and penetration of ply elements into each other are seen, 
which is unrealistic. 
(iii) Figure 5-9(c) shows the case where interply contact has been defined, and ply- ply  is 
varied while keeping 0.1pin-laminate  . Note that ply- ply  is only applicable once cohesive 
elements have deleted, and plies come into direct contact. The global response does not 
change much with ply- ply , and MCS is still under-predicted. The computational time 
increases by 20% when ply- ply  is increased from 0.4 to 0.8.  
(iv) Figure 5-9(d) shows the longitudinal section when interply friction is defined. 





Figure 5-9: BK_D4_T2 specimen, (a) effect of pin-laminate  (contact between ply elements not 
defined) on global response, (b) corresponding longitudinal section showing cohesive damage 
and ply inter-penetration, (c) effect of ply- ply , (d) corresponding longitudinal section showing 
absence of ply inter-penetration. 
 
From this first iteration, it was decided to fix the friction coefficients at 0.1pin-laminate   and 
0.4ply- ply   for the remainder of the study. This value of pin-laminate  was also used for single-lap 
joint modelling in (McCarthy, McCarthy et al. 2005). 
The second iteration addresses the under-prediction of MCS. It was decided to look more 
closely at the selection of fracture toughness values (GIc and GIIc) for the cohesive elements. 
Up to this point, all cohesive elements were assigned the material properties of a 0/0 interface, 
see  
Table 5-7. However, it is known from the literature for carbon fibre/epoxy systems (Andersons 
and König 2004, Shrivastava and Singh 2019), that mode II fracture toughness for +θ/-θ and 
0/θ interfaces, where θ is an arbitrary ply orientation other than 0°, are higher than for a 0/0 
interface. The effect of interface ply orientations on mode I fracture toughness is relatively 
small. Table 8 summarises GIc and GIIc values found in the literature for IM7/8552, for the 
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higher than for the 0/0 interface. Using the 0/0 value for all interfaces in the model (as done so 
far) is likely to lead to early deletion of cohesive elements, when they should remain in the 
model, thus reducing the bending stiffness of the laminate and the resistance to pin movement. 
Thus, the FE model was modified to include the appropriate toughness values for each interface. 
Figure 5-10 shows the dramatic improvement this made in the prediction of the MCS. 
Meanwhile the already good prediction of UBS is virtually unaffected.  
Table 5-8: Interface fracture toughness values of IM7/8552 for various interfaces (Hiley 
2000, Schön, Nyman et al. 2000, Schön, Nyman et al. 2000, Andersons and König 2004) 
Properties Interfaces 
 0/0 0/45 0/90 45/-45 
𝐺𝐼𝑐 (kJ/m
2) 0.22 0.22 0.22 0.22 
𝐺𝐼𝐼𝑐 (kJ/m
2) 0.63 0.94 0.73 1.3 
 
 
Figure 5-10: Effect of interface fracture toughness properties for BK_D4_T2 specimen.  
 
The third iteration deals with reducing the computational cost of modelling blocked laminates, 
i.e. laminates with [45m /-45m /90m /0m]s  stacking sequence, with m = 2, 3. In the experiments, 
(Hassan, Feser et al. 2020), it was found that most delaminations occurred between plies of 
different orientation, with very few existing within blocks of similarly-oriented plies. So to 
save computational cost, it is reasonable to place cohesive elements only between plies of 
different orientation, which reduces the number of delamination sites in 2 mm thick laminates 
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used recently in (Arteiro, Gray et al. 2020), and it reduced the CPU time for our models from 
98 hours to 43 hours for the 3 mm thick specimens. Figure 5-11 shows the global response for 
the model with a reduced number of interfaces compared to the model where all the possible 
interfaces are defined. Three configurations are shown, BK_D4_T2, BK_D8_T2 and 
BK_D12_T2. It can be seen that the prediction of UBS is scarcely affected, while the MCS is 
affected somewhat. This agrees with experimental evidence in (Hassan, Feser et al. 2020), 
where, for blocked laminates, the initial delaminations at bearing failure (peak load) were 
always between blocks of similarly-oriented plies, whereas later in the crushing process, some 
delaminations appeared within such ply blocks. Overall, the difference in MCS values due to 
use a reduced number of cohesive layers is relatively small, so this approach was used for the 
remainder of the paper. 
In summary, the model calibration consisted of choosing appropriate values for friction 
coefficients, correct GIIc values at each interface, and a simplification to reduce computation 
time for blocked laminates. No other calibration or tuning was applied in the remainder of this 
study. 
 
Figure 5-11: Global response for the case when cohesive layers are inserted only at different 
ply orientation interface, (a) BK_D4_T2, (b) BK_D8_T2, (c) BK_D12_T2. 
 
5.5.2 Prediction of global response, including the effects of varying joint parameters 
In this section, the model is tested for its ability to predict the global response, through 
comparison with experimental results in (Hassan, Feser et al. 2020). In Figure 5-12(a), the 
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for the BK_D4_T2 configuration. Because the tension rods in the experiment (shaded gold in 
Figure 5-1(b)) are only pinned at one end, they are free to rotate. Consequently the pin is free 
to follow the path of least resistance, and it sometimes veers away from straight-line motion, 
as shown in the example in Figure 5-12(a). The pin is also not restricted from sideways motion 
in the model, and it can be seen that the pin also veers away from straight-line motion. The 
exact direction of travel is unpredictable, as it depends very sensitively on the sequence of 
damage events in the laminate. One thing the model does not fully capture is the peeling off of 
surface 45° plies which can be seen in the experiment in Figure 5-12(a) and is discussed in 
(Hassan, Feser et al. 2020). However, this peeling process has a relatively minor effect on 
energy absorption. In Figure 5-12(b), the damage from a 4 mm pin is compared to that of a 12 
mm pin. It is noticeable that the composite material on either side, and in front of, the pin, 
splays out-of-plane to a greater extent for the 4 mm pin than for the 12 mm pin. This will be 
discussed further below. 
 
Figure 5-12: (a) Experimental versus numerical pin movement at 30 mm pin displacement, 
(b) global “extended bearing failure” of the model for 4 mm and 12 mm pins. 
 
To assess the capability of the model to predict the effects of varying pin diameter, laminate 
thickness and stacking sequence, all test configurations in Table 1 were simulated. Table 5-9 
shows the predicted values of UBS, MCS and SEA along with the experimental mean values. 
Shown also is the standard deviation in the experiments and the rank (1 to 15) of each 
configuration in terms of UBS, MCS and SEA.  
(b)(a)
4 mm pin 12 mm pin
133 
 
The experimental UBS values vary over a wide range, from 298 MPa for the D12_T1 case 
(highest D/t value), up to 621 MPa for the DS_T4_T3 case (lowest D/t value and dispersed 
stacking sequence). The minimum and maximum UBS values predicted by the model are for 
the same cases, being 320 MPa for the D12_T1 case and 609 MPa for the DS_T4_T3 case. 
Eleven of 15 configurations show a difference of 5% or less between the model and the 
experimental mean, with the remaining four showing differences of 7%, 8%, 11% and 12%. 
The experimental and numerical rankings for UBS differ by no more than two for any 
configuration. Bearing in mind that the experimental mean values are from only four 
experiments (so could change if more tests were performed), and that the standard deviation of 
the experiments was up to 10.4%, the prediction of UBS by the model over a wide variation of 
configurations and UBS values, is excellent.  
The predictions for MCS and SEA are not as good, which is not surprising, given the extremely 
complex damage and failure events that occur during crushing over such a long distance. 
Nonetheless, eight and 10 configurations are predicted within 10% of the experimental mean, 
for MCS and SEA respectively, with the remainder being within 20%. The experimental 
standard deviation for MCS and SEA is seen to be up to 14.8%. The experimental and 
numerical rankings for SEA again differ by no more than two for any configuration. The good 
prediction of UBS and SEA for blocked laminates suggests the successful representation of the 
in-situ effect for thick plies (Table 5). 
 Figure 5-13 shows a selection of experimental and numerical stress-displacement curves. The 
experimental curves are just one sample from among four repeat tests, so one should not expect 
exact agreement with the simulation. Figure 5-13(a) shows that the model correctly predicts 
that increasing pin diameter leads to decreased MCS/SEA. Similarly, Figure 5-13(b) shows 
that the model correctly predicts that increased thickness leads to increased MCS/SEA, and 
Figure 5-13(c) shows that, for 12 mm diameter pins, the model forecasts that a dispersed 
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stacking sequence results in a higher MCS/SEA than a blocked stacking sequence, in 
accordance with the experiments. The reasons why pin diameter, laminate thickness and 
stacking sequence have these effects on the performance parameters are discussed in detail in 
(Hassan, Feser et al. 2020). 
One of the major findings in (Hassan, Feser et al. 2020) was the strong correlation between 
UBS, MCS and SEA and the ratio of pin diameter to laminate thickness, D/t. In Figure 5-14, 
the predictions for the relationships between UBS, MCS and SEA and D/t ratio are plotted 
together with the experimental results, for dispersed stacking sequences (on the left) and 
blocked stacking sequences (on the right). Results for 1 mm thick laminates are included in the 
dispersed stacking sequence plots. The predictions of UBS, MCS and SEA are seen to be 
excellent for dispersed stacking sequences, while the prediction of UBS versus D/t is very good 
for blocked stacking sequences. The trend line equation for MCS (and consequently SEA) 
versus D/t is somewhat off for blocked laminates, but the overall direction of the trend is more 
or less correct. Possibly, dispensing with the simplification in iteration 3 above, i.e. placing 
cohesive elements at all ply interfaces for blocked laminates, might give better results. Overall 
though, the model is shown to be capable of predicting the global response and performance 








Figure 5-13: Numerical results versus experimental results, (a) 1 mm thick laminates tested 
with 4 and 12 mm diameter pins, (b) 1 and 3 mm thick laminates tested with 8 mm pin, and (c) 

















































































Table 5-9: UBS, MCS and SEA mean experimental values versus model predictions, with percentage that the model value is above or below the 
experimental mean. Also shown are the relative standard deviation, RTSD, (standard deviation as a percentage of mean) in the experiments, and the 































D4_T1  347 / 362 (+4%) ±4.6% 14 / 12  244 / 219 (-10%) ±1.6% 8 / 10  127 / 115 (-10%) ±7.6% 8 /10 
D8_T1  355 / 365 (+3%) ±2.5% 13 / 11  184 / 153 (-17%) ±4.9% 13 / 14  84 / 84 (0%) ±11.3% 14 / 14 
D12_T1  298 / 320 (+8%) ±0.7% 15 / 15  136 / 144 (+6%) ±0.2% 15 / 15  66 / 76 (+16%) ±13.8% 15 / 15 
DS_D4_T2  512 / 509 (-1%) ±10.4% 3 / 3  298 / 278 (-7%) ±14.8% 4 / 4  164 / 142 (-13%) ±2.5% 4 / 4 
DS_D8_T2  489 / 436 (-11%) ±4.3% 5 / 7  258 / 273 (+6%) ±3.5% 7 / 5  128 / 141 (+10%) ±3.9% 7 / 5 
DS_D12_T2  449 / 455 (+1%) ±9.1% 8 / 6  211 / 186 (-12%) ±5.2% 11 / 12  103 / 93 (-10%) ±2.3% 11 / 13 
DS_D4_T3  621 / 609 (-2%) ±1.0% 1 / 1  340 / 365 (+7%) ±1.8% 3 / 1  178 / 189 (+6%) ±4.0% 2 / 1 
DS_D8_T3 
 572 / 570 (-
0.1%) 
±3.3% 2 / 2 
 
272 / 241 (-11%) ±6.6% 5 / 7 
 
138 / 136 (-3%) ±7.1% 5 / 6 
DS_D12_T3  498 / 503 (+1%) ±4.2% 4 / 4  232 / 228 (-2%) ±7.3% 9 / 8  116 / 124 (+7%) ±5.6% 9 / 8 
BK_D4_T2  469 / 413 (-12%) ±4.1% 6 / 8  352 / 289 (-18%) ±5.4% 2 / 3  175 / 146 (-16%) ±8.3% 3 / 3 
BK_D8_T2  388 / 378 (-3%) ±5.7% 9 / 10  232 / 222 (-4%) ±0.4% 9 / 9  116 / 116 (0%) ±1% 9 / 9 
BK_D12_T2 
 
364 / 352 (-3%) ±5.8% 11 / 13 
 176 / 197 
(+12%) 
±11.4% 14 / 11 
 
85 / 102 (+13%) ±19% 13 / 11 
BK_D4_T3  460 / 481 (+5%) ±3.3% 7 / 5  369 / 294 (-20%) ±0.3% 1 / 2  185 / 147 (-20%) ±3.5% 1 / 2 
BK_D8_T3  381 / 407 (+7%) ±3.7% 10 / 9  269 / 255 (-5%) ±1.9% 6 / 6  130 / 129 (-1%) ±2.4% 6 / 7 




5.5.3 Validation of mesoscopic response 
In (Hassan, Feser et al. 2020), tests were performed in which the pin displacement was halted 
at 0.75 mm (about 0.3 – 0.4 mm beyond peak load). The specimens were then scanned using 
three-dimensional computed tomography (3D CT), details of which can be found in (Hassan, 
Feser et al. 2020). In Figure 5-15, scans of the bearing plane are shown for 2 mm thick 
laminates with dispersed (top row) and blocked (bottom row) stacking sequences, with 4 mm 
(on the left) and 8 mm (on the right) diameter pins. Model results showing the interply damage 
variable, interplyd , at the same pin displacement, are shown alongside. Black dots indicate the 
approximate position where interplyd first rises above 0 (although the different shades of blue are 
a little difficult to distinguish, so the positions are not exact).  
As noted in (Hassan, Feser et al. 2020), in the experiments, Figure 5-15(a), (c), (e) and (g), the 
outer plies (red labels) delaminate and splay outwards, while the centre plies (black labels) stay 
more or less aligned with the load and undergo crushing. Blocks of apparently undelaminated 
central plies at a distance of one laminate thickness (2 mm) from the hole edge are indicated. 
The size of these blocks and their degree of alignment with the loading direction were found 
to be good indicators of SEA in (Hassan, Feser et al. 2020). The alignment of the central blocks 
with the loading direction depends on the lateral support provided by the outer plies. Deeper 
delaminations tend to weaken this support.  
In the simulations, Figure 5-15(b), (d), (f) and (h), the overall shape of the predicted 
deformation is correct. Outer plies delaminate and splay outwards, while the centre plies stay 
more or less aligned with the load. Furthermore, for the 4 mm pin, Figure 5-15(a), (b), (e) and 
(f), the outer plies splay out-of-plane to a greater extent than for the 8 mm diameter pin, Figure 
5-15(c), (d), (g) and (h), in both the CT scans and the model images. This was noted earlier for 
Figure 5-12. In addition, the delaminations extend further into the laminate (see black dots for 
model images) for the 8 mm pin, Figure 5-15(c), (d), (g) and (h), than for the 4 mm pin, Figure 
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5-15(a), (b), (e) and (f), in both the experiments and the simulations. These differences are due 
to the difference in width (4 mm versus 8 mm) of the crush zone in front of the pin. This zone 
tears away from the rest of the laminate, and the outer plies delaminate and buckle outwards. 
The support against ply buckling is less for the wider strip (larger pin), so the delaminations 
extend further into the laminate. As a consequence of these deeper delaminations, the support 
provided by the outer plies to the central plies is less for the larger pin, which allows the central 
plies to bend more easily out of the way of the oncoming pin. As discussed in (Hassan, Feser 
et al. 2020), this is one of the key reasons why the performance parameters drop off with 
increasing pin diameter, and the model captures this effect well.   
Another observation is that the maximum delamination depth is greater for the blocked 
laminates, Figure 5-15(e), (f), (g) and (h), than for the dispersed laminates, Figure 5-15(a), (b), 
(c) and (d), which is a contributing factor towards the lower performance of the blocked 














   
   
Figure 5-14: Numerical versus experimental variation of ultimate bearing strength (UBS), 
mean crushing stress (MCS) and mass-specific energy absorption (SEA) with D/t ratio, for 































































































































(f) SEA blocked stacking sequence
140 
 
Figure 5-15: Longitudinal sections of interrupted tests, versus simulations. Blocks of undelaminated plies at one laminate thickness from hole edge 
indicated on experimental images. Top row is dispersed stacking sequence, bottom row is blocked. Pin diameter is 4 mm in the images on the left, 
and 8 mm in the images on the right. Colours in model images indicate level of cohesive element damage. Black dots in numerical images give 
approximate point where cohesive layer damage begins.
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In Figure 5-16, the stress state in the cohesive elements in front of the pin is examined in detail 
for the DS_D4_T2 case. Figure 5-16(a) shows the location at which cohesive zone tractions 
were extracted (first cohesive element in front of the pin in each layer) and the coordinate 
system used. The normal traction, 
33 , relates to opening Mode I when positive, while 13 31/ 
relate to sliding Mode II, and 
23 32/  relate to tearing Mode III. Figure 5-16(b) shows 33  (top-
left), 
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(bottom-right) for each ply at 
peak lead (black squares) and at a 10% drop in load post-peak (red triangles). The quantity 
plotted in the bottom-right figure is the left-hand side of equation (5.31), which indicates 
delamination initiation when it reaches one. Note that 
33I  , 13II   and 23III  . The Mode 
II/III strength, 90 MPao oII III    (see Table 5-7) is shown as a vertical dashed line on the shear 
traction plots.  
At peak load, 
33  is negative for all plies. Thus the normal tractions do not cause delamination. 
13  exceeds 
o
II  at interfaces 1 and 15 (see numbering in Figure 5-16(a)), which are 45°/-45° 
interfaces. Meanwhile, 
23  does not exceed 
o
III  for any ply. When the tractions are combined, 
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 far exceeds one at interfaces 1 and 15 indicating 
delamination initiation. Additionally though, it also slightly exceeds one at interfaces 5 and 11 
(also 45°/-45° interfaces). Thus at peak load, delamination initiates at interfaces 1 and 15, 
followed by interfaces 5 and 11. Sliding Mode II is the biggest contributor at both sets of 
interfaces, followed by tearing Mode III. Opening Mode I plays no part.  
After a 10% drop in load (post-peak), the tractions have changed significantly. 
33  is still 
negative for all plies so still plays no part in delamination. 
13  is now largest at interfaces 3 and 
13, indicating Mode II-driven delamination at these 0°/90° interfaces, while 
23  is highest at 
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interfaces 5 and 11. The bottom-right figure shows that most of the outer plies have delaminated 
(note that in some cases, the delamination initiation criterion value has fallen back to less than 
it was at peak load, but this does not indicate the absence of delamination, since delamination 
is non-recoverable). A centre block of five plies (90/02/90/-45) is undelaminated, which 
correlates quite well with the CT scan in Figure 5-15(a).  
In Figure 5-16(c), compressive fibre damage is shown at peak load, and at 10% drop in peak 
load (post-peak). It can be seen that at peak load, fibre compressive damage is already well 
under way, particularly in the 0° plies, but also to a lesser extent in the ±45° plies. However, 
none of the elements are shaded red, indicating that no elements have completely failed due to 
fibre compressive damage yet. By the time the load drops by 10%, multiple elements are 
indicating complete fibre damage failure. The first drop in load from its peak value thus appears 
to be triggered by delamination (not the initiation of fibre damage), which most likely then 
accelerates the accumulation of fibre damage. 
143 
 








90 orientation change 
        
        
(c) DS_D4_T2 fibre compressive damage at peak load and at 10% load drop (post-peak) 
                               
Figure 5-16: (a) Location of cohesive zone elements for which tractions are plotted, and definition 
of tractions sign convention, (b) Tractions for DS_D4_T2 case, at peak load and at 10% load drop 
(after peak load), (c) fibre compressive damage at peak load and at 10% load drop. 
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Figure 5-17 shows a similar set of plots for a blocked stacking sequence, BK_D4_T2. Once 
again, the normal tractions are negative for all plies at both load levels, so delamination is 
entirely shear-driven. This time, the tractions do not change nearly as dramatically between 
peak load and post-peak (10% load drop), as they did for the dispersed stacking sequence. 
Delamination occurs at interfaces 2 and 14 (45°/-45° interfaces) and interfaces 4 and 12 (-
45°/90° interfaces). No cohesive elements exist between plies of the same orientation, so no 
delamination is possible at odd-numbered interfaces. A central block of eight undelaminated 
plies (902/04/902) is predicted after 10% load drop (bottom right plot), which correlates exactly 
with the CT scan in Figure 5-15(e). Once again fibre compressive damage has initiated before 
the peak load, but no elements have fully failed due to fibre damage at peak load. So the initial 
drop in load is delamination driven. 
In Figure 5-18(a) and (b) scans of the bearing plane are shown for 3 mm thick laminates, tested 
with a 12 mm diameter pin until 0.75 mm displacement, for dispersed (DS_D12_T3) and 
blocked (BK_DS_T3) stacking sequences respectively. The dispersed laminate contains a large 
number of delaminations, extending up to 6 mm into the laminate, and leaving a central block 
of about nine undelaminated plies at one laminate thickness from the hole edge. The blocked 
laminate separates at the interfaces between blocks of three similarly oriented plies, resulting 
in fewer but deeper delaminations (up to 9 mm), and central block of only six undelaminated 
plies. The blocked laminate has significantly lower UBS and SEA than the dispersed laminate 
(see Table 9) due to the deeper delaminations and the smaller block of undelaminated plies. 
Below the CT scans are plots of fibre compression damage at 0.25 mm, 0.5 mm and 0.75 mm 
pin displacement, and also a 3D view. Fibre compression damage begins in the 0° plies, but 
spreads to all plies eventually. The predicted deformation agrees well with the experiments, 
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and in the 3D views, it can be seen that fibre damage in the central plies spreads more widely 
to either side of the hole for the blocked laminate than for the dispersed laminate.     





        
        
(b) BK_D4_T2 fibre compressive damage at peak load and at 10% load drop (post-peak) 
             
Figure 5-17: (a) Tractions in cohesive elements defined in Figure 5-16 for BK_D4_T2 case, 
at peak load and 10% load drop (after peak load), (b) fibre compressive damage at peak load 
and at 10% load drop 
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In Figure 5-19, a view of the pin-laminate contact region shows the progression of fibre 
compression damage (on the left) and fibre matrix damage (on the right) for the DS_D8_T2 
configuration, with a comparison with a CT scan. It can be observed that at 0.75 mm pin 
displacement, the FE model shows good agreement with the CT scan in terms of the spread of 
damage and level of brooming of the outer plies. 
5.6 Conclusions 
A 3D finite element approach, incorporating a mesoscale damage model, has been developed 
for the prediction of extended bearing failure, which occurs in tension-absorber joints. The 
model is compared with experimental data covering a wide range of parameter variations, and 
very good agreement is found at both the global and mesoscopic scale. Using material 
parameters for IM7/8552 readily available in the literature, the model is capable, without any 
special tuning, of predicting the effects of variable pin diameter, laminate thickness and 
stacking sequence on the key performance parameters: ultimate bearing strength, mean 
crushing force and specific energy absorption. The model was able to rank 15 different joint 
configurations in terms of performance with a high degree of accuracy. Predictions of bearing 
strength were mostly within 5%, and all within 12%, of the experimental mean. Predictions of 
specific energy absorption were mostly within 10%, and all within 20%, of the experimental 
mean. The meso-scale response also closely followed the experiments, as shown by 
comparison with CT scans. The general shape of the ply deformations, depth of delaminations, 
size of the central block of undelaminated plies, and evolution of fibre and matrix damage, 
matched the experiments well. Overall, the model is found to be genuinely predictive for an 
extremely challenging problem. Although the model is computationally expensive, the 
approach will become more practical as computer hardware continues to develop.  
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In future work, the model will be extended to include strain-rate dependent material properties 
and tested on dynamic pin-bearing tests which are currently under review for publication. In 
addition, another test series involving non-quasi-isotropic layups has also been performed, and 
the model will be tested on those layups. A numerical optimisation study will then be 




Figure 5-18: Evolution of fibre compressive damage with increasing pin displacement, i.e., 0.25 mm, 
0.5 mm and 0.75mm, and comparison with CT scans of interrupted tests at 0.75 mm displacement for 
DS_D12_T3 specimen (figures on left) and BK_D12_T3 specimen (figures on right)  
                        90o orientation change
 
 (a) D12_T3 at 0.75 mm displacement 
 
 (b) BK_D12_T3 at 0.75 mm displacement 
 
(c) DS_D12_T3 fibre compression at 0.25 mm  
    
 (d) BK_D12_T3 fibre compression at 0.25 mm 
    
(e) DS_D12_T3 fibre compression at 0.5 mm  
 
 (f) BK_D12_T3 fibre compression at 0.5 mm 
 
(g) DS_D12_T3 fibre compression at 0.75 mm  
 
 (h) BK_D12_T3 fibre compression at 0.75 mm 
 
 
(i) DS_D12_T3 fibre compression at 0.75 mm 
 
 
 (j)    BK_D12_T3 fibre compression at 0.75 mm 
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Figure 5-19: (a) CT scan section of pin-hole contact region at 0.75 mm displacement for 
DS_D8_T2 specimen, (b) predicted intralaminar damage at the pin-hole contact region at 0.25 
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Influence of layup, stacking sequence and loading rate  
on energy absorption of tension-absorber joints 
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Tosob, Michael A. McCarthya* 
a CONFIRM centre and Bernal Institute, University of Limerick, Ireland 
b German Aerospace Center (DLR), Institute of Structures and Design, Stuttgart 
ABSTRACT 
“Tension-absorber” joints are bolted joints designed to absorb energy in a survivable crash 
landing, through an extended version of bearing failure. They have been proposed for use in 
future transport aircraft narrow-body composite fuselages. Herein, the influence of layup 
(percentage of each ply orientation), stacking sequence (exact location of each ply) and loading 
rate, on energy absorption is examined. Quasi-static and dynamic (3 m/s) tests are performed 
on pin-loaded IM7/8552 carbon-fibre/epoxy laminates. Seven layups and 11 stacking 
sequences are tested, with key variables being the percentage of 0° plies (from 12.5% to 
62.5%), the position of the 0° plies, and the changes in orientation at ply interfaces. 
Performance measures include ultimate bearing strength (UBS), mass-specific energy 
absorption (SEA) and crush load efficiency (CLE). Computed tomography is used to examine 
damage progression in the quasi-static tests. It is found that the most important factor in 
maximising SEA is having small changes in orientation at ply interfaces. This is even more 
important than 0° content. A laminate with only 12.5% 0° plies, performed remarkably well 
due to its low changes in ply orientation. Laminates with a high SEA tend to have a low UBS. 
Highest UBS was for quasi-isotropic laminates. Increased loading rate results in increased UBS 
but decreased SEA. The results allow selection of a stacking sequence with a desired 
combination of UBS and SEA, and provide a valuable database for validation of composites 
damage models.    
                                                 
* Corresponding author. E-mail address: michael.mccarthy@ul.ie (M.A. McCarthy). 
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6.1 Introduction 
Mechanically fastened joints are widely used in composite aircraft structures. Recently 
(Heimbs and Bergmann 2014, Waimer, Feser et al. 2018), DLR and Airbus investigated using 
joints as energy-absorbing devices in future narrow-body composite aircraft fuselages, to assist 
with meeting regulatory requirements on crashworthiness. To achieve certification, an 
equivalent level of occupant safety to that of previously certified, metallic fuselage transports 
has to be demonstrated in a “foreseeable survivable impact event”, defined as a 30 ft/s (9.14 
m/s) vertical drop test (FAA 2007, FAA 2014). In a fuselage drop test, as illustrated in Figure 
6-1(a), energy is absorbed by irreversible damage of the lower structure, enhancing occupant 
safety. In wide-body, composite fuselage aircraft, such as the Airbus A350 XWB and the 
Boeing 787 Dreamliner, due to the relatively large height of the space below the cargo floor, it 
was possible to achieve the bulk of the energy absorption requirements via a sub-cargo 
structure involving crushable composite beams (Bolukbasi, Baxter et al. 2013). However, in 
single-aisle (i.e. narrow-body) aircraft, the height of the sub-cargo area is much less, so 
additional energy absorbing structures or devices will be required (Waimer, Feser et al. 2018).  
The German Aerospace Center (DLR) and Airbus have been working together for some time 
on novel, narrow-body composite fuselage designs, in which energy is absorbed via tensile- 
and bending-loaded energy-absorbing elements, in addition to more traditional compression-
loaded elements. As can be seen in Figure 6-1(a), the fuselage deforms into a more oval shape 
during a crash, which loads some areas in tension, some in bending and others in compression. 
In Figure 6-1(b) a concept is illustrated incorporating tensile, bending and compressive 
absorbers (Waimer, Feser et al. 2018). It has been predicted, via full-scale simulations, that 
more than 50% of the overall absorbed energy could be taken by the tension absorbers, so that 
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much less energy would need to be absorbed by the sub-cargo crush zone (Waimer, Feser et 
al. 2018). This has the added benefit of allowing a lighter cargo crossbeam. The focus of this 
paper is on the tension-absorber part of this design. 
 
 
Figure 6-1: (a) Typical fuselage test kinematics (adapted from (Littell 2018)), (b) novel narrow-
body composite fuselage concept incorporating tension-absorbing joint concept (Waimer, 
Feser et al. 2018), (c) pin-joint tests for parameter studies (Hassan, Feser et al. 2020). 
 
The DLR/Airbus “tension-absorber” joint concept, illustrated in Figure 6-1(b), involves the 
modification of joints in areas such as the cargo and passenger cross-beams, which are loaded 
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in tension as the fuselage deforms during impact. The modified joints would behave like normal 
joints under in-service loads, but in a crash would absorb considerable energy. The key design 
requirement is to prevent bolt pull-through or fracture during a crash, so that “extended bearing 
failure” occurs, resulting in the absorption of energy through crushing of the material in front 
of the bolt.  
To examine individual material and geometric parameters, Airbus and DLR have studied a 
simplified version of the problem, namely a pin being pulled through a composite plate 
(Heimbs and Bergmann 2014, Bergmann 2016, Feser and Waimer 2016). Recently (Feser, 
Hassan et al. 2020, Hassan, Feser et al. 2020), the current authors used this setup to study the 
effects of pin diameter (D) and laminate thickness (t) on bearing strength and specific energy 
absorption (SEA), for quasi-isotropic (QI) carbon/epoxy laminates, at quasi-static (QS) and 
dynamic (DY) loading rates, with results illustrated in Figure 6-1(b). It was found that, 
provided a minimum thickness is used to avoid global bending, the SEA is strongly correlated 
with D/t ratio for both loading rates, with smaller values giving the best performance. Here, the 
optimal geometry from (Hassan, Feser et al. 2020) is used to examine the effects of layup, 
stacking sequence and loading rate. As in (Daniel and Ishai 2006), layup refers to the ply 
composition (percentage of plies in each direction), while stacking sequence refers to the 
location of each ply within the thickness. 
While there have been several studies on the effects of loading rate (Li, Mines et al. 2001, 
Egan, McCarthy et al. 2013, Heimbs, Schmeer et al. 2013, Pearce, Johnson et al. 2014, 
Portemont, Berthe et al. 2018), and stacking sequence (Park 2001, McCarthy, Lawlor et al. 
2002, Aktas and Dirikolu 2003, Riccio, Mozzillo et al. 2013), on composite bolted joint 
behaviour, they have mostly been focused on conventional joints. In such joints, while the 
initial failure may be in bearing, the ultimate failure is typically through bolt fracture, bolt pull-
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through, net-tension, shear-out or some combination thereof. Results depend on many 
variables, including joint type (single/double-lap), fastener type (protruding/countersunk head 
bolts, rivets), bolt diameter, laminate width and thickness, and so on. In general, conventional 
joints absorb relatively small amounts of energy, and joint strength and stiffness are the main 
interests in such studies.  
Here, the focus is on the “extended bearing failure” mode that occurs in tension-absorber joints, 
Figure 6-1(a), which is rarely seen in conventional joints. The main focus is on energy 
absorption, which is much higher than in conventional joints. On the other hand, the joints must 
also perform under in-service loads, so joint strength cannot be neglected. Relatively few 
authors have studied the behaviour of tension-absorber joints. Some have addressed single and 
multi-bolt versions (Feser and Waimer 2016, Schatrow and Waimer 2016, Waimer, Feser et al. 
2018) to assess design details like the bolt head and washer geometry, the machined slot to 
guide the bolt, and methods to prevent debris from blocking the bolt movement. For 
fundamental studies on individual material or geometric parameters, a simplified pin-loaded 
setup like that in Figure 6-1(b) has been used, since the effects of debris in the actual joint can 
be complex and unpredictable, and tend to mask the effects of the parameter of interest. Thus 
far, there have been two studies using the pin-loaded setup that addressed the loading rate. In 
(Heimbs and Bergmann 2014), a range of different composite materials were examined at 200 
mm/min (3.3×10-3 m/s) and 3 m/s, while in (Portemont, Berthe et al. 2018) a carbon/epoxy 
material with QI layup was tested at speeds ranging from 10-4 m/s to 1 m/s. In both studies, the 
load plateau after initial failure (and hence energy absorbed) decreased with increased loading 
rate, by amounts ranging from 20% to 60%, while in (Portemont, Berthe et al. 2018) the peak 
load increased with loading rate by about 20%. To date, there has been no systematic study of 
the effects of layup and stacking sequence under extended bearing failure. 
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There have been studies on stacking sequence effects in other energy-absorbing structures such 
as composite crush tubes (Farley and Jones 1992, Riccio, Mozzillo et al. 2013, Mahdi, 
Hamouda et al. 2014, Jiang, Ren et al. 2017). Flat plates were examined in (Hobbs and Adams 
2015), and can be considered the equivalent of the current problem with an infinite bolt 
diameter. The energy-absorption process in (Hobbs and Adams 2015) was quite similar to that 
found here and it was found that increasing the number of 0° plies and placing them in a block 
in the middle of the laminate, led to increased specific energy absorption. This finding has 
influenced the choice of stacking sequences here. 
In the current work, the optimised geometry from our previous studies (Feser, Hassan et al. 
2020, Hassan, Feser et al. 2020), consisting of a 4 mm diameter pin, and 2 mm thickness 
laminate, is used to study the effects of layup and stacking sequence at QS and 3 m/s loading 
speeds. Seven layups and 11 stacking sequences are tested, with key variables being the 
percentage of 0° plies, the position of the 0° plies within the laminate, and the changes in 
orientation at ply interfaces. Performance measures used are ultimate bearing strength (UBS), 
mass-specific energy absorption (SEA) and crush load efficiency (CLE). The chosen material 
is IM7/8552 carbon/epoxy, which has been used in the third world-wide composites failure 
exercise (Kaddour, Hinton et al. 2013). All parameters needed to calibrate damage and failure 
models for this material have been extensively characterised (Koerber and Camanho 2011, Cui, 
Thomson et al. 2016, Kuhn, Catalanotti et al. 2017), so the results herein can be used for model 
validation without further testing. Three-dimensional computed tomography (3D CT) is used 
to examine damage progression in the QS tests. 
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6.2 Materials and Methods 
6.2.1 Specimen preparation and selection of stacking sequences 
HexPly® IM7/8552 (EU version: 134 gsm) carbon fibre/epoxy composite pre-preg was 
obtained with a nominal ply thickness of 0.125 mm. Composite plates were laid up by hand, 
and autoclave-consolidated according to manufacturer instructions. Specimens with the 
geometry shown in Figure 6-2 were extracted via waterjet cutting, and special tooling was 
procured to drill the holes with an H7 tolerance. The geometry was selected following a prior 
study (Hassan, O’Higgins et al. 2019), being narrow on one end to fit within the test machine 
grips, and wider on the other end to reduce edge effects as the pin moves through the laminate. 
Specimens had 16 plies, giving a nominal laminate thickness of 2 mm, and were tested with a 
4 mm diameter pin. 
The 11 stacking sequences are given in Table 6-1. The third column gives the layup, i.e. the 
percentage of plies in each direction, and there are seven in total. All stacking sequences are 
symmetric, and all but one (SS2) are balanced. SS3 – SS11 employ only 0°, 45°, -45° and 90° 
plies. The fourth column gives the maximum ply-to-ply change in orientation, while the fifth 
column gives the number of interfaces with a 90° change. In our previous study (Hassan, Feser 
et al. 2020), on quasi-isotropic laminates, interfaces with a 45° change were found to be more 
resistant to delamination than those with a 90° change, due to lower interlaminar stresses. SS1 
was chosen to test out the effect of having a very low maximum change in orientation (22.5°).  
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Table 6-1: Stacking sequences and layups tested. Red “/” indicates 90° change in orientation 
Code Stacking sequence Layup (ply composition) 
Max ply-
to-ply change 
Number of 90° 
changes 
SS1 [-22.5 / -45 / -67.5 / 90 / 67.5 / 45 /  22.5 / 0]s 
[0°|22.5°|45°|67.5°|-67.5°|-45°|-22.5°|90°]      
[12.5%|12.5%|12.5%|12.5%|12.5%|12.5%|12.5%|12.5%] 
22.5° 0 
SS2 [±30 / -60 / 90 / 60 / 30 / 02]s 
[0°|30°|60°|-60°|-30°|90°]     
[25%|25%|12.5%|12.5%|12.5%|12.5%] 
60° 0 
SS3 [452 / -452 / 902 / 02]s [0°|±45°|90°]     [25% | 50% | 25%] 90° 4 
SS4 [45 / -45 / 90 / 0 / 45 / -45 / 90 / 0]s [0°|±45°|90°]     [25% | 50% | 25%] 90° 8 
SS5 [45 / -452 / 90 / 45 / 03]s [0°|±45°|90°]     [37.5% | 50% | 12.5%] 90° 2 
SS6 [45 / 902 / -45 / 04]s [0°|±45°|90°]     [50% | 25% | 25%] 45° 0 
SS7 [45 / 0 / 90 / 0 / -45 / 0 / 90 / 0]s [0°|±45°|90°]     [50% | 25% | 25%] 90° 8 
SS8 [902 / 45 / 0 / -45 / 03]s [0°|±45°|90°]     [50% | 25% | 25%] 45° 0 
SS9 [452 / -452 / 04]s [0°|±45°|90°]     [50% | 50% | 0%] 90° 2 
SS10 [45 / 90 / 0 / -45 / 04]s [0°|±45°|90°]     [62.5% | 25% | 12.5%] 90° 2 





Figure 6-2: Specimen dimensions. 
Besides the changes in ply orientation, the other two main variables are the percentage and 
position of 0° plies. As noted above, Hobbs and Adams (Hobbs and Adams 2015) found for 
crushing of flat plates, that increasing the number of 0° plies, and placing them in a block in 
the middle of the laminate, led to increased SEA. Here, the percentage of 0° plies increases 
from 12.5% (SS1) to 25% (SS2, SS3, SS4), to 37.5% (SS5) to 50% (SS6, SS7, SS8, SS9) to 
62.5% (SS10 and SS11). In SS3 the 0° plies are all located in the centre, while in SS4, they are 
not. The same applies to SS6 versus SS7/SS8 (these also differ in the maximum change in ply 
orientation), and to SS10 versus SS11. Finally, in SS2, the angle plies are chosen to be ±30° 
and ±60° rather than ±45°, and in SS9, the 90° plies are dispensed with. The energy absorbed 
by the 90° plies is through “tearing” rather than crushing (see (Hassan, Feser et al. 2020)) so 
removing them is of interest to see the relative importance of tearing and crushing, even though 
doing so violates normal bolted joint design rules, leaving the joint susceptible to shear-out. 
6.2.2 Experimental set-up 
i. Quasi-static test set-up 
A Zwick 100 kN servo-hydraulic test machine was used for the QS tests. A bespoke test rig, 
shown in Figure 6-3(a), was designed to be low mass, with maximum visibility on the 










used to load the pin, and a steel pulling plate bolted to the tension rods. As shown in Figure 
6-3(b), the pulling plate was gripped at the loading end of the test machine, and the composite 
specimen was gripped at the fixed end. The pulling plate was 6 mm thick, and by carefully 
centring the specimen between the tension rods, a 2 mm gap on each side of the specimen was 
provided for debris outflow. The test velocity was 10 mm/min and data from the piezoelectric 
0 – 100 kN load cell was recorded at 10 Hz. Portement et al. (Portemont, Berthe et al. 2018) 
showed for a similar pin-crushing problem that test speeds up to 60 mm/min cause no 
noticeable strain rate effects, so the velocity used here can be regarded as quasi-static. 
Identifiable black dots were marked on the pin for measurement of pin displacement using a 
JAI Inc. TM-2040GE CCD camera, and DIC software (DaVis, a product of LaVision GmbH). 
Three repeats were performed for each stacking sequence, with a fourth interrupted test 
performed for later 3D CT analysis. 
ii. Dynamic test set-up 
A Zwick HTM 5020 servo-hydraulic machine, illustrated in Figure 6-3(c), was used for 
dynamic testing at 3 m/s. The 50 kN piezo-electric load cell outputs the load at 950 kHz and is 
capable of test speeds from 1 mm/s to 20 m/s. For tensile testing, the lost-motion adapter, which 
is attached to a free-piston, can accelerate up to the test speed without interacting with the 
specimen or grips. The pin displacement was determined using the same method as for the 
quasi-static tests, but using images taken at 30,000 frames per second with a high-speed 





Figure 6-3: (a) Exploded view of the test rig, (b) side view of the quasi-static test setup, (c) 
Zwick HTM 5020 servo-hydraulic dynamic test machine. 
 
For the dynamic tests, a lateral stiffener (item 5 in Figure 6-3(a)), was added between the arms 
of each tension rod, to eliminate lateral vibration observed in pre-test videos. Even after making 
this modification, the load cell signal showed a significant level of oscillation, as can be seen 
for a sample test in Figure 6-4. As is typical in dynamic tests (Xiao 2008, Yang, Hector et al. 
2014, Xia, Zhu et al. 2016), the load cell data shows clear evidence of system ringing at one 
particular frequency, throughout the entire test, which is caused by the impulse during load 
introduction that excites the test system. The usual strategy to mitigate this issue is to apply 
filtering, but results depend on the choice of filter, and care has to be taken not to compromise 
important characteristics in the signal. Here, a low pass filter with a cut-off frequency 4 kHz 
was used, which as can be seen in Figure 6-4 is effective in reducing the contribution from 
system ringing, without greatly altering the average crushing load between 10 mm and 50 mm 






























Figure 6-4: Comparison of force signals obtained via different methods for SS_10_DY. 
 
In the literature, it is suggested to attach strain gauges to the specimen near the grips (Xiao 
2008) to obtain a signal less susceptible to ringing, but the specimen geometry in the present 
study did not allow enough space for this, see Figure 6-2. As an alternative, four strain gauges 
were mounted on the sides of tension rods, two on each rod, as can be seen in Figure 6-3(a). 
The data acquisition rate for the strain gauges was 500 kHz. The force obtained from an average 
of the gauge signals is also shown in Figure 6-4. As can be seen, this signal is also unfortunately 
susceptible to significant oscillation, but once stable crushing is established (i.e. between 10 
mm and 50 mm pin displacement), it matches well with the filtered load cell signal.  
The most important quantity in this study is energy absorption, which is essentially the area 
under the force-deflection curve. It was found that this quantity varied very little whether the 
signal from the unfiltered load cell, the filtered load cell or the strain gauges was used. The 
other quantity of interest is the joint strength, which is based on the peak load. As can be seen 
from the inset to Figure 6-4, which shows the first 10 mm of displacement, this quantity varies 
a lot depending on which signal is used (anything from 4 kN to 6 kN in the example shown). 







































that shown here since sometimes the second or third peak in the strain gauge data was higher 
than the first. In the end, it was decided to use the filtered load cell signal for determination of 
joint strength as it was the most consistent among repeats. But it should be noted that the joint 
strength values reported for the dynamic tests have a lower confidence level than those for the 
quasi-static tests. 
6.3 Results and Discussions 
6.3.1 Global response 
Figure 6-5 shows sample force-displacement responses for each stacking sequence at both 
loading rates. Each graph has an inset showing the QS response over the first 2 mm 
displacement. Later it will be shown that the tests showed good repeatability with a low 
standard deviation for QS strength and energy absorption, and dynamic energy absorption. 
Only the dynamic strength showed a relatively high standard deviation, for the reasons outlined 
above.  
Because of the very large w/d and e/d ratios (20 and 15 respectively), the initial failure mode 
is always bearing. At the end of the test, as the “effective” e/d ratio reduces, the final failure is 
by shear-out. Each force-displacement response thus has three main phases: 
Phase 1 Linearly increasing load, with slight non-linearity (not visible at the scale shown) 
just prior to maximum load, 
max
F . For the QS tests (see insets) 
max
F  occurred at about 0.3 
mm displacement.  
Phase 2: Sharp load drop, indicating “ultimate bearing failure”, to a low value, which 
gradually transitions back up until a relatively stable crushing load, crushF , is established at 
around 5 to 10 mm displacement. crushF  stays fairly constant until about 40 to 50 mm.  




    
     
     
     
Figure 6-5: Sample force-displacement response for each stacking sequence. Load is from 
load cell (filtered with cut-off frequency 4 kHz for dynamic data), displacement from DIC 
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Figure 6-5: (continued): Sample force-displacement response for each stacking sequence. 
Load is from load cell (filtered with cut-off frequency 4 kHz for dynamic data), displacement 
from DIC. 
 
Consistently across all stacking sequences, it can be seen that as the loading rate increases from 
QS to 3 m/s, maxF  increases, while crushF  (and hence energy absorption) decreases. The 
increase in maxF  is attributed to the strain-rate dependent properties of IM7/8552. The 
maximum peak load is found for the QI SS4 layup (Figure 6-5(d)) followed by SS3 and SS10. 
Whereas, the decrease in crushF  correlate with a decrease in width of damaged material and a 
decrease in debris in the bearing notch, under dynamic loading (Portemont, Berthe et al. 2018, 
Feser, Hassan et al. 2020). Maximum crushF  is displayed by SS6 and SS8, both of which have 
50% 0° plies. The detailed description of the effect of loading rate on maxF  and crushF  is given 
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To allow comparisons on a material level, the following performance parameters are defined. 








  (6.1) 
where D is the pin diameter and t is laminate thickness. The mass-specific energy absorption 
(SEA) is the integral of the force-deflection curve divided by the mass of destroyed material. 
For pin-crushing, it has been estimated (Heimbs and Bergmann 2014), that for brittle fibre 
materials, the width of destroyed material is ~1.2D, so for comparison with that study, SEA is 










F ds F ds

      (6.2) 
where ρ is material density and ms ms  is maximum pin displacement. ms  was taken as 40 mm, since 
the response beyond 40 mm showed significant variation (see Figure 6-5). In reality, the width 
of destroyed material is difficult to define, as the damage spreads unevenly in each ply (Hassan, 
Feser et al. 2020).  
A summary of the findings from all tests for UBS is presented in Figure 6-6, while SEA is 
shown in Figure 6-7. Each value is an average from three tests for QS loading, and four tests 
for dynamic loading. Error bars indicate ± one standard deviation. Concerning UBS, Figure 
6-6, the standard deviation is low for QS tests (with the possible exception of SS4). In contrast, 
it is high for dynamic tests for the reasons indicated in Section ii. For SEA, Figure 6-7, the 
standard deviation is low for both loading rates (actually lower for the dynamic tests). 
For UBS, Figure 6-6, the ranking between stacking sequences is fairly consistent between 
loading rates. For QS loading, SS1 and SS9 rank joint lowest. Their ranking is also low for 
dynamic loading, fifth lowest for SS1, third lowest for SS9. Overall, there is no discernible 
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correlation between UBS and an increasing percentage of 0° plies. The UBS is highest for the 
QI layups, being highest for SS4, in which the plies of the same orientation are “dispersed” 
throughout the laminate, followed by SS3, in which plies of the same orientation are blocked 
together in pairs. This result holds at both QS and dynamic loading rates. For QS loading, the 
UBS is substantially (50-100 MPa) higher for QI layups than any of the other layups, which is 
an interesting and not necessarily intuitive result.  
We examined the literature to see how this finding compared to previous work and were 
surprised at how few studies could be directly compared against. We focused only on pin-
loaded examples with no lateral constraint. Collings (Collings 1982), showed that adding up to 
75% of ±45° to 0° layups or 90° layups increased bearing strength, but did not study QI layups. 
Wang et al. (Wang, Hung et al. 1996) and Park (Park 2001) showed that QI layups had higher 
bearing strength than 0/90 layups. Eriksson (Eriksson 1990) and Hollmann (Hollmann 1996) 
found that QI laminates had higher bearing strength than zero-dominated (60% 0°, 20% ±45°, 
20% 90°) layups, which agrees with our findings, but in both papers, some of that difference 
was due to the QI laminate having a lower D/t ratio than the zero-dominated laminate. 
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Figure 6-7: Specific Energy absorption (SEA) as a function of the stacking sequence 
The most extensive studies on stacking sequence have been performed by industry, who tend 
not to reveal all test details. Hart-Smith in (Hart-Smith 2003) shows a graph of bearing strength 
as a function of all possible combinations within the [0/±45/90] family of laminates. It shows 
QI layups to have the highest bearing strength, in agreement with our findings. But it also 
shows a plateau around the QI configuration indicating no significant reduction in bearing 
strength for “small” deviations from QI. This plateau includes three of our 50% 0° ply stacking 
sequences (SS6, SS7, and SS8), which contradicts our findings. However, even going back to 
the original Hart-Smith report, (Hart-Smith 1976), it is not made clear which layups were 
actually tested to produce the plot in (Hart-Smith 2003). The most useful result we found was 
in a paper by Ireman et al. (Ireman, Nyman et al. 1993), which shows a “typical” design 
diagram used by Saab Military Aircraft. The diagram shows bearing strength for the [0/±45/90] 
family of laminates. A clear peak exists for a 0° content of 20-30%, with a reduction of 50-100 
MPa for laminates with 40-50% 0° plies, more or less exactly in line with our findings. No 
details are given though for how the tests that resulted in this data were performed. Overall, as 













































































































































































































































































(with all other variables held fixed) are the most comprehensive to date in the open literature 
and are not contradicted by previous findings. 
The reason why UBS is maximum for QI layups may be as follows. Bearing failure in a pin-
loaded joint occurs when the material in front of the hole buckles due to sudden delamination 
and “brooming” of the outer plies, as well as fibre-kinking and breakage. In this sense, it is 
similar to the initial failure process when crushing flat plates. However, differently from flat 
plates, only the material in front of the hole buckles, and this material is supported against 
bucking by the non-failing material on either side. Thus, the resistance to bearing failure 
depends not only on the compressive properties of the material that buckles, but also on the 
tensile and shear properties of the material either side of the hole that supports the material that 
will buckle. Thus, the combination of tensile, compressive and shear strength provided by a QI 
layup may be the reason why it gives the best bearing strength. In future work, we will explore 
this theory via modelling.  
Turning to SEA, Figure 6-7, two of the 50% 0° ply laminates rank highly. SS6 and SS8 rank 
joint 1st under QS loading, while at 3 m/s, SS8 ranks 1st and SS6 ranks 3rd. In contrast, SS7 and 
SS9, which also have 50% 0° plies, rank 10th/6th and 6th/5th respectively, under QS/dynamic 
loading. Interestingly, the maximum change in ply orientation is just 45° for both SS6 and SS8 
(see Table 1), whereas, for SS7 and SS9, there are 90° changes (with SS7 having the most such 
changes – eight – and the lowest SEA of the four). It seems that having more 0° plies, up to a 
limit of about 50% can be advantageous, but resistance to delamination is very important too. 
This latter point is strongly reinforced by the surprising performance of SS1, which with just 
12.5% 0° plies, ranks 3rd/2nd in SEA under static/dynamic loading. SS1 has the lowest 
maximum change in ply orientation (22.5°) so should have a strong resistance to delamination. 
This will be examined further in the next section. Finally, it is noticeable, at least to some 
extent, that an inverse relationship exists between UBS ranking and SEA ranking. For example, 
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SS4 ranks 1st/1st for UBS at static/dynamic loading but only 11th/9th for SEA. SS3 ranks 2nd/2nd 
for UBS but 9th/10th for SEA. Conversely, SS1 ranks 11th/7th for UBS but 3rd/2nd for SEA. A 
similar comment applies to SS6. 
A quantity often used to rank energy absorption devices is the crush load efficiency (CLE). 







   (6.3) 
A high CLE indicates high energy absorption, with a low peak load, which is desirable to limit 
injuries. Figure 6-8 shows the CLE for the various stacking sequences. SS6 and SS8 rank best 
overall at both loading rates. SS1 ranks a close 3rd under quasi-static loading, but drops 
somewhat under dynamic loading, due to a high dynamic UBS. The dynamic standard 
deviations are high due to the high uncertainty in dynamic UBS. At the bottom comes SS4, 
which apparently is an excellent choice for in-service loads, but not for energy absorption. 
 













































































































































































































































































6.4 Local behaviour 
To gain some further insight, QS tests were performed on all stacking sequences, up to a pin 
displacement of 0.75 mm. This is about 0.4 – 0.5 mm beyond the occurrence of peak load, 
maxF , as can be seen from Figure 6-5. Each specimen was then scanned in a Zeiss Xradia 500 
Versa, 3D CT, X-ray microscope (Carl Zeiss X-ray Microscopy, Pleasanton, CA, USA). The 
field of view was 15×15 mm2 and the voxel size was 15×15×15 m3. Videos showing all cross-
sections from each specimen are included in the supplementary information. Here, the bearing 
plane (the plane directly in front of the pin) is chosen to illustrate the key differences between 
the stacking sequences, see Figure 6-9. For each case, the stacking sequence, UBS (QS and 
dynamic), SEA (QS and dynamic), corresponding rankings (1 to 11), the percentage of 0° plies, 
maximum orientation change, and the number of 90° interface changes are included for 
convenience. As shown in the first row, colour code is used to illustrate ply orientations in SS3 
– SS11, a blue horizontal line highlights 90° changes in the figures, while a red slash highlights 
them in the stacking sequence text. A vertical dashed line is shown at a distance of one 
thickness (i.e. 2 mm) from the hole edge. Plies in the laminate centre that are still essentially 
perpendicular to the pin at this location, and thus providing strong resistance to pin movement, 
as well as lateral support to the other plies will be referred to as “intact” and are shown in black 
lettering. Plies that have bent away from the load direction are assumed to provide much less 
resistance to pin movement and minimal lateral support and are indicated with red lettering. 
The importance of having low ply-to-ply changes in orientation for high SEA becomes very 
clear from Figure 6-9. The top-ranked stacking sequences, SS1, SS6 and SS8 show high 
resistance to delamination and, as a result, have a thick central block of “intact” plies with high 
structural integrity at 2 mm from the hole edge. SS1, Figure 6-9(a), has a central block of 12 
plies with no delaminations. SS6, Figure 6-9(f), has a central block of 14 plies. Although there 
is a delamination within this block, the smaller block has not split away and is still providing 
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significant resistance to pin movement and lateral support to the larger block. In SS8, there are 
three blocks of 4, 8 and 4 plies, but none of them has split away significantly, so all 16 plies 
are providing strong resistance to pin movement, and lateral support to each other. SS1, SS6 
and SS8 have no 90° changes in orientation, and the maximum change in orientation is just 
22.5° in SS1 and 45° in SS6 and SS8. 
In contrast, stacking sequences with a large number of 90° changes in orientation have poor 
SEA. SS4 and SS7 have eight 90° changes and rank 11th/9th and 10th/(Joint 6th) under quasi-
static/dynamic loading respectively. The reason why can be seen in Figure 6-9. SS4 and SS7 
both have a large number of delaminations, with a central “intact” block of just nine and seven 
plies respectively at 2 mm from the hole edge. For SS4 even the block of nine has a 
delamination within it. SS11, with four 90° changes in orientation, also has a lot of 
delaminations and has a SEA ranking of 8th/11th. While 12 plies are indicated as “intact” for 
SS11, Figure 6-9(k), there are 4-5 delaminations within this central block, so its structural 
integrity is poor. 
Other stacking sequences with an intermediate number of 90° changes have an intermediate 
SEA ranking. In fact, if the stacking sequences are ordered by the number of 90° changes, and 
then by the maximum change, see Table 6-2, we find a very good correlation with SEA (4th 
column). The only real outlier is SS2. Like SS1, it has no 90° changes, but its maximum ply-
to-ply change is 60° instead of 22.5°. Like SS1, it shows good delamination resistance, Figure 
6-9(b), but the delaminations between plies 2 and 3, and plies 14 and 15 extend considerably 
further than for SS1, leading to a thinner block of intact plies between 2 mm and 4 mm from 
the hole edge, and hence lower resistance to pin movement. Overall, while the number of 0° 





Stacking Sequence [X/Y/…]    Low Support   
(a) SS1: [-22.5 / -45 / -67.5 / 90 / 67.5 / 45 / 22.5 /0]s 
UBS QS/DY: 347/419 MPa (Joint 10th/7th) 
SEA QS/DY: 194/143 kJ/kg (3rd/2nd) 
% 0°: 12.5  Max change: 22.5°  No. 90° jumps:  0 
 
(b) SS2: [30 / -30 / -60 / 90 / 60 / 30 / 02]s 
UBS QS/DY: 381/395 MPa (Joint 7th/11th) 
SEA QS/DY: 183/133 kJ/kg (7th/Joint 6th) 
% 0°: 25  Max change: 60°  No. 90° jumps:  0 
 
(c) SS3: [452 / -452 / 902 / 02]s 
UBS QS/DY: 469/521 MPa (2nd/2nd) 
SEA QS/DY: 175/126 kJ/kg (9th/10th) 
% 0°: 25    Max change: 90°    No. 90° jumps:  4 
 
(d) SS4: [ 45 / -45 / 90 / 0 / 45 / -45 / 90 / 0]s 
UBS QS/DY: 512/673 MPa (1st/1st) 
SEA QS/DY: 166/128 kJ/kg (11th/9th) 
% 0°: 25    Max change: 90°   No. 90° jumps:  8 
 
(e) SS5: [45 / -452 / 90 / 45 / 03]s 
UBS QS/DY: 400/429 MPa (5th/5th) 
SEA QS/DY: 187/136 kJ/kg (5th/Joint 4th) 
% 0°: 37.5  Max change: 90°    No. 90° jumps:  2 
 
(f) SS6: [45 / 902 / -45 / 04]s 
UBS QS/DY: 401/410 MPa (4th/8th) 
SEA QS/DY: 210/139 kJ/kg (Joint 1st/3rd) 
% 0°: 50     Max change: 45°     No. 90° jumps:  0 
 
Figure 6-9: CT images at the bearing plane, at a pin displacement of 0.75 mm (continued on 
next page) 






















































(g) SS7: [45 /0 /90 /0 /-45 /0 /90 /0]s 
UBS QS/DY: 366/437 MPa (Joint 8th/4th) 
SEA QS/DY: 175/133 kJ/kg (10th/Joint 6th) 
% 0°: 50  Max change: 90°  No. 90° jumps:  8 
 
(h) SS8: [902 / 45 / 0 / -45 / 03]s 
UBS QS/DY: 366/444 MPa (Joint 8th/3rd) 
SEA QS/DY: 210/163 kJ/kg (Joint 1st/1st) 
% 0°: 50  Max change: 45°  No. 90° jumps:  0 
 
(i) SS9: [452 / -452 / 04]s 
UBS QS/DY: 347/409 MPa (Joint 10th/9th) 
SEA QS/DY: 186/136 kJ/kg (6th/Joint 4th) 
% 0°: 50    Max change: 90°    No. 90° jumps:  2 
 
(j) SS10: [45 / 90 / 0 / -45 / 04]s 
UBS QS/DY: 407/405 MPa (3rd/10th) 
SEA QS/DY: 191/133 kJ/kg (4th/Joint 6th) 
% 0°: 62.5    Max change: 90°   No. 90° jumps:  2 
 
(k) SS11: [45 / 0 / 90 / 02  / -45 / 02]s 
UBS QS/DY: 383/425 MPa (6th/6th) 
SEA QS/DY: 182/125 kJ/kg (8th/11th) 
% 0°: 62.5  Max change: 90°    No. 90° jumps:  4 
 












































Also shown in Table 2 is QS UBS. Dynamic UBS is not shown due to the lower confidence 
level in those results. Here, the correlation with the number of 90° changes is not as good. As 
noted before, QI laminates had the highest UBS, with SS4 highest of all, which may be partially 
due to a large number of delaminations, Figure 6-9(d). In order for bearing failure to occur, it 
may be that all these delaminations have to propagate suddenly together, leading to a higher 
UBS than SS3. Table 6-2 allows a designer to choose a stacking sequence for optimum energy 
absorption, optimum strength, or an optimum compromise between the two. 
Table 6-2: SEA for stacking sequences ordered by number of 90° changes, then maximum ply-
to-ply change 
Code 






QS UBS rank 
SS1 0 22.5° 3rd/2nd Joint 10th 
SS8 0 45° (Joint 1st)/1st Joint 8th  
SS6 0 45° (Joint 1st)/3rd 4th  
SS2 0 60° 7th/6th 7th  
SS5 2 90° 5th/(Joint 4th) 5th  
SS9 2 90° 6th/(Joint 4th) Joint 10th  
SS10 2 90° 4th/(Joint 6th) 3rd  
SS3 4 90° 9th/10th 2nd  
SS11 4 90° 8th/11th 6th  
SS7 8 90° 10th/(Joint 6th) Joint 8th  
SS4 8 90° 11th/9th 1st  
 
6.5 Conclusions 
An experimental study has been performed on the energy absorption characteristics of pin-
loaded laminates at quasi-static and dynamic loading rates. Seven layups and 11 stacking 
sequences were tested, with key variables being the percentage of 0° plies (from 12.5% to 
62.5%), the position of the 0° plies, and the changes in orientation at ply interfaces. The 




I. The key to high SEA seems to be to maintain a thick central block of largely 
undelaminated plies, about one thickness from the hole edge. A very much 
secondary aim is to have as many 0° plies as possible within this block. 
II. To achieve this, the most important parameter is the change in orientation at ply 
interfaces. Laminates with a maximum change of 45° or less performed best. For 
laminates which had at least one 90° change, the ones with fewer 90° changes 
performed best. The percentage of 0° plies was much less important. One of the 
best-performing laminates had only 12.5% 0° plies. 
III. The above findings were true at quasi-static and 3 m/s loading rates.  
IV. As the loading rate increased, SEA decreased, and ultimate bearing strength (UBS) 
increased. It should be noted though that the dynamic UBS values have a lower 
confidence level than the other results. 
V. UBS was highest for QI laminates. This appears to be in line with previous results 
but is the most comprehensive exposition of this result to date, as far as we could 
tell. Among QI laminates, ones with no blocking of plies had the highest UBS. This 
is likely to be related to a large number of delaminations displayed by this stacking 
sequence.  
VI. The laminate displaying the overall highest crush load efficiency at both loading 
rates (about 1.1 at QS and 0.72 at dynamic rates) was SS8 which had 50% 0° plies 
([902 / 45 / 0 / -45 / 03]s). However, SS6 and SS1 (with 12.5% 0° plies) were not 
far behind. 
Because IM7/8552 has been widely characterised in the literature, the findings can be used to 
test out composites damage models. In a future paper, results from a three-dimensional finite 
element model using our own damage model will be presented. 
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This thesis has experimentally and numerically investigated the energy absorption behaviour 
of tension-absorber joints under quasi-static and dynamic loading rates. This final chapter 
outlines the main conclusions and identifies areas for future work. 
7.1 Conclusions 
7.1.1 Effect of pin diameter, laminate thickness, stacking sequence and loading rate on 
tension-absorber joints (Chapter 3 and 4) 
Chapter 3 and 4 consist of articles related to an extensive experimental study performed on the 
extended bearing failure of pin-loaded composite joints under static and dynamic loading 
respectively, with varying pin diameter, laminate thickness and stacking sequence. The main 
findings are: 
 For both loading rates, increasing the pin diameter decreases the UBS, MCS and SEA, 
while increasing the laminate thickness has an increasing effect on all performance 
parameters. The decrease in performance parameters with increasing pin diameter can 
be understood via the CT scans of the interrupted test specimens, which show the 
increase in delamination depth with increasing pin diameter that results in less lateral 
support to central plies, enabling them to bend more easily. Concerning the effect of 
thickness, increasing the thickness increases the bending stiffness of the laminate 
bundles in the damage zone, which has a beneficial effect on performance parameters. 
 For both loading rates, dispersed layup laminates have higher UBS than blocked 
laminates, and dispersed laminates have higher MCS and SEA than blocked laminates 
for 8 and 12 mm pins. The reason for higher UBS for dispersed layup laminates is the 
178 
 
presence of high interlaminar stresses between ply blocks of blocked layup laminates, 
which lead to early delamination and bearing failure. The higher MCS and SEA in 
dispersed layup laminates can be attributed to the presence of a thicker central group 
of undelaminated plies, which strengthens the effective bending stiffness during the 
crushing process.   
 Increasing the loading rate from 1.67×10-3 m/s to 3 m/s results in an increase of 23-
74% in UBS, and decreases of 10-29% and 0-26%, in MCS and SEA, respectively.  
 The increase in UBS is attributed to the strain-rate dependent properties of IM7/8552. 
The decreases in MCS and SEA correlate with a decrease in width of damaged 
material and a decrease in debris in the bearing notch, under dynamic loading, both 
determined from 3D CT. The extra debris under quasi-static loading, still attached to 
the surrounding material, increases the frictional resistance to pin travel. 
 The performance parameters, UBS, MCS and SEA show strong correlations with D/t 
ratio under static and dynamic loading. In Figure 4-6, the influence of design 
parameters under different loading rates is compactly summarised, and the 
relationships shown can be used to derive design criteria for bolted connections 
concerning optimum strength and/or energy absorption. 
 Small pin diameters and dispersed stacking sequences provide the highest energy 
absorption and also the highest bearing strength.  
7.1.2 FE modelling of tension-absorber joints (Chapter 5) 
Chapter 5 presents the article on the development of a 3D finite element approach, 
incorporating a mesoscale damage model, for the prediction of extended bearing failure, which 
occurs in tension-absorber joints. The model uses in-situ ply strengths, stress-based fibre failure 
criteria, Puck’s criteria for matrix damage, a nonlinear law for in-plane shear, a cohesive zone 
model for delamination, a crack band model to mitigate mesh sensitivity, and frictional contact 
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between the pin and the laminate, and between adjacent plies once they delaminate. The 
following are the main conclusions: 
 Very good agreement with experimental data covering a wide range of parameter 
variations is found at both the global and mesoscopic scale. Using material parameters 
for IM7/8552 readily available in the literature, the model is capable, without any 
special tuning, of predicting the effects of variable pin diameter, laminate thickness 
and stacking sequence on the key performance parameters: ultimate bearing strength, 
mean crushing force and specific energy absorption.  
 The model was able to rank 15 different joint configurations in terms of performance 
with a high degree of accuracy. Predictions of bearing strength were mostly within 5%, 
and all within 12%, of the experimental mean. Predictions of specific energy 
absorption were mostly within 10%, and all within 20%, of the experimental mean.  
 The mesoscale response also closely followed the experiments, as shown by 
comparison with CT scans. The general shape of the ply deformations, depth of 
delaminations, size of the central block of undelaminated plies, and evolution of fibre 
and matrix damage, matched the experiments well. Overall, the model is found to be 
genuinely predictive for an extremely challenging problem. 
7.1.3 Effect of layup and stacking sequence on tension-absorber joints (Chapter 6) 
Chapter 6 presents the article on the experimental study that has been performed on the energy 
absorption characteristics of pin-loaded laminates at quasi-static and dynamic loading rates. 
Seven layups and 11 stacking sequences were tested, with key variables being the percentage 
of 0° plies (from 12.5% to 62.5%), the position of the 0° plies, and the changes in orientation 
at ply interfaces. The following are the main conclusions: 
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 The key to high SEA seems to be to maintain a thick central block of largely 
undelaminated plies, about one thickness from the hole edge. A very much secondary 
aim is to have as many 0° plies as possible within this block. 
 To achieve this, the most important parameter is the change in orientation at ply 
interfaces. Laminates with a maximum change of 45° or less performed best. For 
laminates which had at least one 90° change, the ones with fewer 90° changes 
performed best. The percentage of 0° plies was much less important. One of the 
best-performing laminates had only 12.5% 0° plies. 
 The above findings were true at quasi-static and 3 m/s loading rates.  
 As the loading rate increased, SEA decreased, and ultimate bearing strength (UBS) 
increased. It should be noted though that the dynamic UBS values have a lower 
confidence level than the other results. 
 UBS was highest for QI laminates. This appears to be in line with previous results but 
is the most comprehensive exposition of this result to date. Among QI laminates, ones 
with no blocking of plies had the highest UBS. This is likely to be related to a large 
number of delaminations displayed by this stacking sequence.  
 The laminate displaying the overall highest crush load efficiency at both loading rates 
(about 1.1 at QS and 0.72 at dynamic rates) was SS8 which had 50% 0° plies ([902 / 
45 / 0 / -45 / 03]s). However, SS6 and SS1 (with 12.5% 0° plies) were not far behind. 
7.2 Recommendations for future work 
7.2.1 Testing of tension-absorber joints 
In this study, an intensive experimental programme was developed to understand the 
mechanical behaviour of tension-absorber joints. Based on the results of this study, the 
following recommendations for future work are given: 
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1. In the scope of this work, only the energy absorption behaviour of single bolt was 
investigated. In future, the tests can be performed to investigate the energy absorption 
behaviour of multi-bolt tension-absorber joints. The findings of this study will be useful 
in integrating this crash concept into the sub-structure of the narrow-body fuselage to 
move one level higher in the building block approach for crashworthiness certification. 
The developed numerical model can help in the experimental design, and also 
guidelines can be taken from the experimental findings to select the joint thickness, bolt 
diameter, layup and stacking sequence. 
7.2.2 Damage modelling 
The behaviour of the three-dimensional composite damage model could be enhanced across 
several areas: 
1. Fibre kinking is an important failure mechanism that promotes bearing damage. At the 
moment, the developed damage model does not have a fibre kinking model included 
due to the related significant computational cost. Ideally, a 3D model such as that of 
Pinho et al (Pinho, Iannucci et al. 2006, Pinho, Iannucci et al. 2006) can be implemented 
to capture the effects of fibre kinking in extended bearing failure.  
2. The damage model could be developed to account for strain-rate effects seen in 
composite material response, which for carbon-epoxy material, is generally restricted 
to matrix-dominated properties. To integrate this modification, the damage model could 
be re-written in incremental form and use laws which scale various material properties 
as a function of strain rate. Raimondo et al. (Raimondo, Iannucci et al. 2012) outlined 
an approach to model the strain effect in a progressive damage model using the scaling 
functions for HexPly IM7/8552.  
3. Following the implementation of strain rate effects, the dynamic tests performed in this 
study can be validated against the numerical results. The damage maps obtained from 
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the 3D CT scans of the failed specimens (section 4.4) could be used to calibrate the 
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